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Abstract

A trans-Canadian grid could lead to increased ability to integrate wind energy by increasing
capacity, improving reliability, and reducing effects of non-dispatchable generation by
integrating renewable energy sources over a wide geographical area. Use of HVDC
technology in the trans-Canadian grid would result in lower losses for the long transmission
lines required and also would provide other benefits, such as lower right-of-way
requirements, high reliability, and fault isolation. However, there are no current installations
connecting a tapped connection to an HVDC line; all HVDC lines are operated using two
terminals. This thesis proposes two methods of connecting a wind farm to an HVDC line.
Techniques using an AC grid based wind farm and a DC grid based wind farm are analyzed
based on their efficiency and component requirements, as well as their ability to operate
during normal and fault conditions. The advantages and disadvantages of both solutions are
compared, and while the best overall efficiency can be obtained using an AC system, high
efficiencies can also be obtained for the DC system when combined with wind turbines with
a MV output voltage. Preliminary simulation analysis shows that the DC grid design provides
superior isolation of the HVDC line from faults on the wind farm grid, but both the AC and
DC grids have potential issues implementing fault ride through, depending on the location of

the fault.
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Résumé

Un réseau trans-canadien peut aider a intégrer 1'énergie éolienne, qui s’étend sur une vaste
zone géographique, en augmentant la capacité de transfert de puissance des lignes de
transport et en réduisant les effets non-controlables des sources d'énergie renouvelable.
L’utilisation de la technologie ‘HVDC’ peut réduire les couts des longues lignes de
transmission et aussi offrir d'autres avantages comme la réduction de I'empreinte
géographique, une meilleure fiabilité, et la localisation des défauts. Toutefois, il n'y a pas de
raccordements multi-terminaux HVDC en opération. Cette these propose deux méthodes de
connexion d'un parc éolien a une lignhe HVDC, utilisant des réseaux c.a. et c.c. Le rendement,
les composantes requises et la performance transitoire des deux méthodes de connexion sont
présentés. Une meilleure efficacité peut étre obtenue avec le réseau c.a., mais en intégrant les
éoliennes MT, T’efficacité du réseau c.c. est améliorée. Des études préliminaires démontrent
que le réseau c.c. aide a une meilleure isolation d’un court-circuit dans le parc éolien qui
pourrait se transmettre aux lignes HVDC. Les deux réseaux sont capables de réduire les
effets d’'un court-circuit, mais peuvent avoir des problémes a demeurer en service sans

déclenchement pour un défaut transitoire.
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CHAPTER 1: INTRODUCTION

Canadian wind energy capacity grew by 25% in 2007 and further growth is expected in the
future. Wind energy, along with other renewable technologies such as solar and marine
energy, is non-dispatchable and high penetrations could reduce the reliability of the
provincial electricity grids, leading to local power quality problems and increasing the risk of
a cascading blackout. The construction of a Trans-Canadian grid has been proposed as a
method to overcome some of the technical challenges associated with generation from
renewable energy sources. In addition to possible benefits such as increased reliability and
reduced capital and operational costs, a Trans-Canadian grid could be used to integrate wind

generation over a large geographical area and help to reduce the effects of wind fluctuations.

HVDC will be considered for the Trans-Canadian grid since it has lower transmission losses,
requires less right-of-way, and has been used successfully for long transmission projects in
Manitoba and Québec. One issue with using HVDC is the difficulty in operating multi-
terminal lines, as only two have been constructed and both are only operated as two-terminal
lines. There are no current installations of a tapped terminal on an HVDC line, which could
make it difficult to connect a remote wind farm that is not located near a line end terminal.
The design of a tap to connect a wind farm to an HVDC line must be economic, operate
efficiently and reliably, should allow fast reconnection of the wind farm after transient faults
on the HVDC line, and should not allow faults in the wind farm to propagate to the HVDC

line where they would cause a major disturbance.

This thesis considers a number of types of converters that could be used to connect a large

wind farm to an HVDC grid and proposes two designs:

1. An AC grid based wind farm connected to the HVDC line using a Voltage-Source
Converter (VSC) HVDC converter.

2. A DC grid based wind farm connected to the HVDC line using resonant DC-DC

converters.

AC and DC grid designs are compared on the basis of their estimated efficiency, component

requirements, and their performance during normal wind conditions and faults.



1.1  Wind Farm Technology
The power engineering technology aspects of wind farm integration are related to energy

conversion, energy collection and transmission, and grid integration.

" Ontario Power Generation Manitoba Hydro ,.L T ] “Hydro Quebec
Wind Energy Energy Collection Grid
Conversion and Transmission Integration

Figure 1: Power engineering related areas in wind energy technology.

Research areas related to wind energy conversion include:

= Generator desigi—common generator types include induction generators, synchronous
generators, permanent magnet synchronous generators (PMSG), and doubly-fed
induction generators/doubly fed asynchronous generators (DFIG/DFAG). Both
fixed speed and variable speed generator designs have been installed, and the rotor
speed can vary depending on whether a gearbox is used and the size of the gearbox.
The generators generally operate at voltages less than 1000 V, although some have

been built to operate at MV levels to reduce losses [1].

= Power converter design—generators may be designed to operate at the grid frequency
and be directly connected, connected through a full power converter, or using a
smaller power converter to control the rotor excitation (for a DFIG). Converter

designs include two and three-level, as well as multi-module designs [2,3].
Research areas related to energy collection include:

= High order harmonics—low order harmonics can be eliminated using selected harmonic

elimination and higher switching frequencies.

»  Wind farm grids—generators operating at LV levels often include a transformer at the
base of the turbine to increase the voltage to MV levels before connecting to a

common collection bus. All current collection methods use an AC grid, although use



of a DC grid has been proposed and may have some advantages for offshore wind

farms (see Section 1.2.4). Studies of offshore AC grid designs include [4,5].

Transmission voltage—if the wind farm is installed in a remote location or offshore,
then the power may need to be connected to an HV transmission line, using either a
HV AC transformer, or a HVDC converter. Studies of connecting offshore wind
using HVDC analyze frequency control, fault ride through, and control during

varying wind conditions (more details on HVDC technology is given in Section 1.2).

Research areas related to grid integration are generally based on local grid code requirements.

These include:

1.2

High order harmonics—low order harmonics can be eliminated using selected harmonic

elimination and higher switching frequencies.

Power quality—this includes restrictions on harmonics and flicker. Power quality
measurement for wind turbines is outlined in IEC 61400-21: Measurement and

assessment of power quality characteristics of grid connected wind turbines.

Reducing effects of wind variability—methods of improving integration of non-
dispatchable sources of generation include changes to market planning strategies and
demand side management, improved forecasting, wind curtailment, and energy
storage [6].

Unintentional islanding—a grid operation or grid fault could lead to unintentional
islanding of the wind farm, possibly leading to safety or electrical problems. Various
methods to detect islanding are currently available [7].

Low Voltage Ride Through (L1"RT)—many utilities require LVRT protection to limit

the number of wind turbines tripping during grid side faults [8].

HVDC Status

HVDC technology offers a number of major advantages for a Trans-Canadian grid,

including [9,10]:

Isolation—HVDC will isolate the areas that are connected by it, preventing faults
from propagating. This was apparent in Québec during the August 2003 blackout,
where power was maintained despite a cascading blackout that resulted in the loss of

power to neighbouring states and provinces. Any Trans-Canadian grid will need to

3



include some HVDC connections to maintain the existing isolation between the

West and East, and Québec.

*  Low line losses—HVDC has typically been installed in situations with long lines where
savings from lower line losses will overcome the high costs of the converters. This

advantage is important given the distances required in a Trans-Canadian grid.

®  Power capacity—HVDC allows higher power capacity, especially for very long lines.
This can be seen in Figure 2, where two 3000 MW HVDC lines connecting the
Three Gorges Hydroelectric Power Plant in China would have required over three

times as much space if HVAC lines of an equivalent voltage were used.

QHMQ QQHM

Figure 2: Right-of-way requirement comparison for 500 kV HVDC and 500 kV AC (source ABB)

The two HVDC technologies currently available are VSC HVDC which uses forced
commutated IGBTs and Line Commutated Converter (LCC) HVDC which uses self-
commutated thyristors. Most studies related to the use of these technologies for wind
connections have been for connecting offshore wind farms [11-14], where long cables and

high power necessitate the use of HVDC.
1.2.1 Line Commutated Converter HVDC

LCC HVDC technology has been used for many years and has low converter losses
(estimated at around 0.8% [9]) and high power rating (up to 6 GW at 800 kV has been
proposed). The most common technology uses two six-pulse bridges connected to the AC
grid through separate transformers that are displaced by 30°. This allows a reduction in the
harmonics produced by the converter (5" and 7" harmonics on the AC side and the 6

harmonic on the DC side [10]).

Issues with the use of LCC HVDC for wind farm applications include:



Harmonics—I.CC HVDC converters injects 117, 13", 23, and 25" harmonics, which
are lower frequencies than those produced by VSC HVDC converters (ABB’s
HVDC Light only requires filters of the 32" and 60™ harmonics).

Reactive power suppor—the converters consume reactive power during rectification and
inversion, which can exceed 60% of the active power of the converter. The reactive
power varies depending on the active power and therefore an adjustable power factor

correction system is required [9].

Weak grid connections—a weak grid voltage could lead to commutation failure in the
thyristors of the converter, resulting in a large disturbance of the DC line. It is
recommended that the grid short circuit capability be at least twice the converter

rating [10].

Cable stress—a polarity reversal can put significantly more stress on the cable
insulation (if underground or undersea cabling is required). During overvoltage
situations, the cable dielectric can accumulate a significant amount of space-charge,
leading to breakdown if the polarity is reversed. The decay time of the charge will

depend on the insulation and is longer for polymeric insulation such as XLPE [15].

Transformer  reliability—the transformer for LCC HVDC must be capable of
withstanding normal stress from the grid and additional harmonics and insulation
stress from the operation LCC HVDC converter [16]. This can result in lower

transformer reliability.

Other general issues include the impact of transient and permanent outages of very large

power blocks on the AC system, and insulation levels and pollution [17].

1.2.2 Voltage Source Converter HVDC

VSC HVDC uses forced commutated switches and has the following advantages over LCC

HVDC that relate to wind applications:

Active and reactive power control—the fast and flexibility control of VSC HVDC allows
the converter to provide more support during faults or other transient conditions.

The reactive power range will be limited by the voltage rating of the switch [10].



®  Swmaller filter and space requirements—use of pulse-width modulation (PWM) only
generates high order harmonics which can be easily filtered. This reduces the cost
and size of the filters, and therefore the converter station will require a smaller area

(which is especially advantageous for offshore installations).

»  Connection to weak networks and blackstarts—since the force commutated switches do
not require an AC voltage for commutation then VSC converters can connect to
weak networks or even passive systems that have no external power source. This can

be important when connected to a wind farm that requires external excitation.

*  Power reversal does not change the wvoltage polarity—this can lead to an easier
implementation of multi-terminal HVDC and smaller cable requirements, allowing
use of solid XLLPE insulated cables [4]. Current XLLPE cables are usually rated for less
than 300 kV, although higher ratings are under development [15,18].

Although the maximum power rating of current VSC HVDC technology is less than LCC
HVDC, recent advances in switch design will allow power ratings of around 1000 MW
[19,20]. The main commercial technologies are ABB’s HVDC LIGHT, which uses 2 or 3-
level converters and pulse width modulation (PWM) control, and Siemens HVDC PLUS,

which uses a multi-module converter. Characteristics of PWM based designs include:

»  Higher switching losses—these can vary from 1-5% depending on the switching

frequency and the type of switches [9].

»  High order harmonics—low order harmonics can be eliminated using selected harmonic

elimination and higher switching frequencies.

»  Loss of control during DC fanlts—DC faults effectively short circuit the AC terminals
through the free-wheeling diode and also short circuit the DC capacitors. The current
into the converter cannot be controlled by the switches and the free-wheeling diodes
could be damaged by the fault current [21]. Protecting the converter switches may
even require the use of fuses [9]. At this time, VSC HVDC has been used mostly in

cable installations, where any fault on the system is likely to be permanent.

The multi-module technology employed by Siemens has the potential to solve some of the
difficulties with the 2 and 3-level converters. The design proposed in [21,23,22] is shown in

Figure 3.
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Figure 3: Multi-module converter module
The charge on the capacitor is controlled by two IGBT' for each module. During a DC fault,
the thyristor K, is switched on to limit the current through the free wheeling diode of the
IGBTS. The fault will be finally cleared by operation of an AC circuit breaker. The protective
switch K, in Figure 3 will allow isolation of the module in case of a failure. In addition, series
inductances could be added to limit the AC current during a DC fault [22]. With this multi-
module design, switching losses should also be reduced since the operating frequency is

around 3x the fundamental frequency.
Other research areas related to VSC HVDC and the Trans-Canadian grid include:

®  Parallel connections of 1'SC HVDC and HI”AC—construction of a Trans-Canadian
HVDC grid will result in areas that have parallel HVDC and HVAC lines and study

of control strategies to maximize the stability benefits are required. Similar studies for

LCC HVDC have been performed in [24,25].

®  Blackout prevention—NSC HVDC has been proposed for use in increasing grid

segmentation and preventing cascading outages [26].

*  Hybrid V'SC/LLCC HIVDC—hybtid HVDC converters combine LCC and VSC
converters to achieve the benefits from both technologies. These can be combined in

parallel or series combinations [12,27].
1.2.3 Multi-terminal HVDC

Multi-terminal lines have been proposed for both LCC and VSC HVDC lines, as well as
hybrid lines using both technologies [28-30].



Multi-terminal lines using conventional LCC HVDC technology have the following

challenges:
* changing the power flow direction requires the HVDC line to change polarity,

= HVDC circuit breakers are difficult to construct to be able to isolate faults on the

system.

Although LCC based multi-terminal lines have been constructed in Italy and New England,

they do not operate as multi-terminal lines.

At present there are no VSC multi-terminal HVDC installations although there have been a

number of applications that have been proposed. These include:

®  Urban systems [29]—the paper tests various fault situations but the main advantage

noted is an improvement to the power quality.

" Premium quality power park—use of a multi-terminal VSC HVDC network to connect
industrial companies and users with sensitive loads. This type of grid could eliminate
voltage dips and swells, transients, harmonics, flicker, voltage unbalance, and

frequency deviation [31].

»  Offshore wind farms—since offshore wind farms may use long undersea cables, HVDC
may be required to avoid the capacitive effects associated with AC cables. Currently
the only VSC HVDC wind farm connection installed is a 7.2 MW VSC HVDC line
operating in parallel with an AC feeder which connects a 6 MW wind farm in
Western Denmark. The first offshore wind farm to be connected by a VSC HVDC
line will be located off the coast of Germany using ABB’s HVDC Light technology
and is expected to be completed in 2009. The wind farm will consist of 80x5 MW
wind turbines and will be connected to the grid using two 195 km DC cables rated at

+150 kV [32].
Areas that have been researched include:

»  Isolating multi-terminal H1"DC faults—[33] describes a method of isolating the fault and

reclosing the healthy lines without communication.

»  DC overvoltage control [34]—Tloss of a converter could lead to an overvoltage on the DC

bus if it was in inverting mode. It is proposed that simultaneous response from the
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healthy converters decrease the DC voltage to prevent exceeding the rating of the
switches. There may be some issues with the response time since the converters are

required to respond in less than 3 ms.

*  Multi-terminal VSC models for power flow analysis—two mathematical models of a VSC
HVDC line are derived and power flow is simulated for different control strategies
and different systems [35]. In this paper the models and results are only compared in

terms of the number of iterations in order to converge.
Other research areas include:

*  Hybrid multi-terminal line with tapped connections—tapped connections on multi-terminal

lines would allow remote load and generation sources to be able to connect to the

HVDC line.

*  HIDC breakers—currently most HVDC lines are tripped with AC breakers outside
the converters; however HVDC breakers would allow faster fault isolation and

increase system reliability.
1.2.4 High Power DC-DC Converters

DC-DC converters have been studied for connecting solar energy, energy storage systems,
and lower powered wind turbines [36,37]; however, the use of high power DC-DC
converters in higher power applications, such as in a large wind farm, requires further
research. DC based wind farm designs have shown the potential to reduce costs and losses
for offshore wind farms, depending on the efficiency of the converter and size of the wind
farm [38]. Designs that have been studied for wind applications include multiple boost
converters, full-bridge single active bridge converters with a high frequency transformer, and
series and parallel resonant converters [39-41]. A boost converter combined with a full
bridge converter was used in [42], where the boost converter was used to adjust the voltage
and the full bridge converter to transform the voltage (but could not control the transferred
power). Disadvantages of this topology include the complexity of the two converters,

efficiency for varying power output, and some problems isolating faults.

In order for this concept to succeed, the DC-DC converter must be able to transform the
voltage as efficiently as possible (from Section 3.2 it is calculated that an AC transformer

operates at over 99% efficiency). Many DC-DC converters have low efficiencies when
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operated at high powers and high voltage gains. Detailed analysis of the efficiency of three
different converters (a single active bridge, a full bridge, and a series-parallel resonant
converter) was performed in [40], where converter losses were calculated to be 2-4%. The

wind farm considered in [40] is rated for 25 MW and connected to a line rated for 75 kV.

A possible converter that has been proposed for MW size DC-DC converter applications
and may be suitable for a wind farm was proposed in [43,44]. This converter is similar to a
parallel loaded resonant converter, but the resonant inductors are located on the LV and HV
DC sides of the converter (for a bi-directional converter). This topology has a number of
advantages over the parallel resonant converter (compared in Appendix C.2). In order to
determine the suitability of this converter in wind applications, a detailed analysis of the
efficiency and design of this converter is developed in Section 4.1. In addition, a 3-phase
variation of this design for minimizing switching losses in high powered applications is
studied in Section 4.2. The overall performance of the single phase converter used in a DC
grid application for a tapped connection of a wind farm to an HVDC line is studied in

Chapter 5 and compared to an AC grid application using 3-level VSC converters.

1.3  Thesis Contributions

This thesis proposes DC and AC grid based methods of connecting a wind farm to an
HVDOC line. Different voltage source converters and DC-DC converters are compared based
on the efficiency, component requirements and performance during normal operation and

faults.
The main contributions of this thesis are:

(a) Elffwciency calenlations of an AC based wind farm grid—detailed calculations of the losses in
the 3-level NPC converter switches and transformers are derived. This can be used to

optimize the component selection to minimize costs over the wind farm lifetime.

(b) Development of a 3-phase resonant converter—a 3-phase resonant converter is proposed to
reduce switching losses. The main equations for modelling the converter are derived
and a design procedure is developed for component selection based on the system

requirements and loss minimization.

(c) Efficiency calenlations of DC-DC resonant converters—detailed calculations of the switch

losses and passive component losses are derived for both the single phase and 3-
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phase resonant converters. This information is used to help optimize the design

procedures of both converters.

(d) DC-DC converter model and controller design for a DC grid based wind farm—a simplified
converter model and controller design is proposed for the DC-DC converters that
minimizes the effects of faults in the wind farm grid or HVDC line. Preliminary

simulation analysis is performed for various faults.

(e) Comparison of efficiency and cost analysis for amorphous core and silicon steel core transformers for
wind applications—amorphous cores have been used successfully in distribution

applications and the cost benefits for wind turbine applications are shown.

1.4 Thesis Outline
Chapter 2 overviews the wind farm design components related to connecting a wind farm to

an HVDC line. A description is given of the wind turbine generator that is used for both the
AC and DC based grid models.

Chapter 3 details the design of an AC grid using 2 and 3-level voltage source converters. The
converter efficiency and the overall AC system efficiency are calculated, and component
requirements are determined for different MV grid voltage levels. Detailed information on

the efficiency calculations and magnetic component design is in Appendices A and B.

Chapter 4 details the design of a DC grid using single and 3-phase resonant converters. The
efficiency and component requirements are determined for different MV DC grid voltage
levels. A comparison of DC and AC cable requirements in a wind farm is shown. Detailed

derivations of the resonant converter designs are given in Appendices C and D.

Chapter 5 outlines the integration issues and control requirements of the converters, and
shows the performance of an AC grid and DC grid under normal wind conditions and

during faults. Preliminary analysis of methods of reducing the effects of faults is developed.

Chapter 6 summarizes and compares the AC and DC grid designs based on the efficiency,

component requirements, and performance and integration issues.

Chapter 7 summarizes the thesis, lists the major conclusions, and reviews areas of future

research.
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CHAPTER 2: WIND FARM DESIGN OVERVIEW

Design areas for a tap connection of a wind farm to an HVDC line include:

241

the type of wind turbine generator,

the connection between the individual turbines and a MV grid,
the design of the MV grid,

the connection between the MV grid and the HVDC line.

Wind Turbine Generator Type

There are currently a number of different types of wind turbine generator topologies, each

having different advantages and disadvantages. Comparisons of different topologies based

on cost, efficiency, and structural factors (size, weight, robustness) can be found in [45].

Many potential Canadian wind farms locations are in remote areas where access may be

difficult and environmental conditions are extreme. This thesis considers the use of variable

speed synchronous generators that will interface to the grid using full converters. Advantages

of this type of generator topology include:

Better reactive power capability—the full converter allows decoupled control of the active
and reactive power, allowing the wind turbine to help support the grid voltage or

vary the reactive power as required.

Reduced size gearbox—in many wind turbine designs, the gearbox is often a source of
maintenance problems and noise. The Areva Multibrid M5000, GE 2.5XL, and
Gamesa G10x use permanent magnet synchronous generators (PMSG) that have a
gearbox to operate at medium generator shaft speeds. Manufacturers that use direct
drive generators that allow them to eliminate the gearbox entirely include Vensys
and Siemens, which use direct drive PMSGs, and Enercon, which uses separately

excited salient pole synchronous generators [40].

Large power output—many of the high power wind turbines use synchronous
machines. The largest installation is by Enercon, which has built a wind turbine that

exceeds 6 MW power output.

Converter power contro/—meeting grid requirements such as LVRT and power quality
requirements can be easier due to the control flexibility offered by the full power

convertetr.
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= Slow generator rotation—although this will result in a larger and heavier generator
construction (with increased copper due to higher numbers of poles and increased
core sizing to prevent overexcitation), the slower generator rotation could help
increase the reliability. A comparison of generator rotations of an Enercon E-70 2.3
MW direct drive wind turbine with conventional induction generator based turbine

is shown in Figure 4.
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Figure 4: Comparison of generator rotations over the wind turbine lifetime (Source: Enercon).
®  High efficiency at wide power range—this topology allows a wide speed range that

improves the overall electrical yield [1].

The disadvantages of synchronous generators include a more complex and costly generator
design, larger size and weight, installation difficulties due to the large size of the nacelle, and

the cost of a full power converter.
2.1.1 Synchronous Generator Characteristics

The synchronous generator will convert energy from the mechanical rotation of the wind

turbine into electrical energy. The rms armature voltage of a synchronous machine is:

E, =21k, /N,®, M
where K, is a machine constant, fis the frequency (in Hz), N, is the number of turns in an

armature phase, and @, is the magnetic flux, given by:

ch = 2Bl?‘ (2)
where B is the flux density of the magnetic field, »is the radius of the stator coil and /is the

coil length. For externally excited synchronous machines, the flux density will be given by:

2uyN (1
B= HolV ply
8

©)

13



where N;is the number of turns of a field pole, I;is the field current, and gis the air gap

length. For a PMSG, the magnetic flux will be constant and therefore the flux will be [47]:
(DPM = 2Bgllers (4)
where B, is the fundamental harmonic of the air-gap flux density due to the magnets, L, is

the equivalent core length, and 7, is the stator radius. The output voltage of the stator (1)

can be obtained from an equivalent circuit of the synchronous generator, shown in Figure 5.

iXs
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Figure 5: Synchronous generator equivalent circuit.

In Figure 5, the vector diagram shows the generator with an overexcited field winding and
leading power factor. If the field winding is underexcited then the stator current will be in
the fourth quadrant and the power factor will be lagging. The armature resistance is assumed

to be small. From Figure 5, the stator voltage is given by:
Vs :Ea+szIs (5)
With a PMSG, the flux from the field winding is fixed and therefore the armature voltage

(E,) will depend on the rotational frequency of the wind turbine. In a separately excited

synchronous generator then E, is also dependent on the current in the field winding (I).

The generator efficiency depends on losses in the stator winding, stator core, rotor core, as

well as eddy currents and rotational losses.
2.1.2  Generator Control
The control for a synchronous generator based wind turbine has the following objectives:

1. Maximize the power output for various wind speeds.

2. Maintain the operation within rated cutrent, voltage, and V/Hz.

When the turbine is above the rated speed then the wind turbine speed is normally fixed by
adjusting the blade pitch angle. At speeds below the rated speed, the maximum power is

determined by the characteristics of the blade (described in [48]). The wind power is:
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P= %ApC » va (6)
where A is the area swept by the blade, g is the air density, C, is the turbine power
coefficient, and », is the wind velocity. Operating at the maximum power point requires
operating at maximum C,, which will depend on the blade, the pitch angle, and the ratio of

the blade tip speed to the wind speed (1), given by:

A== )

Figure 6 shows the value of C, for various tip speed ratios using the blade dimensions of a

Danwin wind turbine, obtained using an iterative process outlined in [48].
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0.5F
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Tip Speed Ratio
Figure 6: Power coefficient value for various tip speed rations.
Operating at maximum power below rated wind speeds is achieved by controlling the rotor
speed depending on the speed of the wind and matching it to a calculated rotor speed (from
a lookup table). Smaller adjustments to obtain the optimal power can be performed using a
perturb-and-observe (PAO) method similar to that used for solar arrays. This control will
depend on the type of rectifier connected to the wind turbine. Possible options for the
rectifier include an IGBT based converter, and a diode rectifier and boost converter, shown

in Figure 7.
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Figure 7: Generator side converter topologies.

In topology (b), the turbine speed can be controlled to maximize the generated power by
varying the DC voltage by changing the duty cycle of the boost converter [49]. This
topology has been proposed for small scale wind turbines since larger wind turbines would
require multiple boost converters, increasing the complexity and number of switches [39]. In
addition, the generator efficiency in topology (b) may be reduced due to lack of control of

the generator power factor and harmonics from the diode rectifier [50].

Topology (a) offers more flexibility and can be more easily applied to larger turbines. Control
strategies for controlling the speed, current, and voltage using decoupled dg components are
outlined in [50,51]. Unlike in topology (b), in normal operation, the DC voltage will be fixed

by controlling the inverter current to match the power injected by the rectifier.

Multilevel converters have also been proposed for wind turbine converters, including the
Flying Capacitor (FC) converter and the Neutral Point Clamped (NPC) converter. These
converters require increased number of switching elements, but have lower switching losses,
allow the converter to operate at lower frequencies, and reduce the size of filter component

requirements [52,53].

Filters on the generator side may be required to reduce harmonics from the rectifier that will
result in extra losses in the generator windings. DC filters are also required depending on the
type of rectifier and control method, and will allow the control of the rectifier and inverter of
a full converter to be decoupled. Figure 8 shows the full converter of a PMSG that could

connect to an AC grid, showing a PWM based inverter and rectifier and DC capacitor.

16



g r e

J Transformer

S
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Press-pack IGBT switches are common in VSC HVDC applications due to straightforward
series connections, low gate currents, and the ability to conduct after failing [54]. IGBTs can
be paralleled to obtain a higher current rating, but should be derated by a derating factor [55]:

Ir

621_;1,,1,,, ®)

where I is the total current in the paralleled switches, 7, is the number of paralleled switches,

and [, is the maximum current for a single switch.

m

2.2 Wind Farm Grid Design

Two options will be considered for connecting the wind turbines to the MV grid:

1. AC Grid Connection—the full converter will change the voltage from AC-DC and then
DC to 60 Hz AC to be transformed and connected to a MV AC grid.

2. DC Grid Connection—the full converter will change the voltage to DC and then use a
DC-DC converter to increase the voltage to MV DC to be connected to a MV DC
grid.

The design requirements of the AC and DC grids are different and will be developed
separately in Chapters 3 and 4.
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CHAPTER 3: AC GRID DESIGN

Design issues for an AC grid connection of synchronous generator based wind turbines

using full converters will depend on the type of inverter, the size and topology of the wind

farm, and the local grid and connection regulations (if applicable).

A number of different types of wind farm AC grid topologies have been proposed for

connection to an HVDC line [38]. These include:

Star connected—generators are connected to MV transformers at the base of the
turbine and then connected together at a MV bus before being connected to a HV
transformer and VSC HVDC converter.

Cluster connected—groups of generators are connected together at a lower voltage
before transforming the voltage to MV levels and then connecting to a MV bus.
MV generator based wind farm—generators are designed for MV outputs and star
connected to a MV bus, thus eliminating the individual MV transformer.

Multiple V'SC HVDC' converfers—use of multiple HVDC converters to connect
multiple wind farms or a large spread out wind farm to an HVDC line has been
proposed for the connection of offshore wind farms to a multi-terminal HVDC line

or offshore HVDC hub.

Single line diagrams of the various wind farm AC grid models are shown in Figure 9.
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Figure 9: AC grid topologies.
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The AC grid that will be studied in this thesis will be based on topology (a). The AC grid will
consist of 3 MW PMSGs with a rated 1000 V output, and the total wind farm will consist of
100 turbines. A full power converter will convert the variable generator output to the rated
grid frequency and then it will be transformed by the MV transformer to 33 kV. The HV
transformer and VSC HVDC converter will connect the entire wind farm to a 500 kV

HVDC line.

3.1 Wind Turbine Full Converter

This thesis will not analyze in detail the generator control and therefore the operation of the
full converter will be considered decoupled at the DC bus. The focus will be on the design
and control of the grid side inverter and the rectifier and therefore the synchronous

generator will be modeled by a controllable DC current source, shown in Figure 10.
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Figure 10: Wind turbine model with a 2-level VSC inverter connected to the AC grid.

The inverter control must be designed to inject the power generated by the wind turbine into
the AC grid. Other control requirements may include:

" minimizing AC harmonics,

* low voltage ride through,

" reactive power support (if required),

® possibly other features such as power system stabilizers.
Use of a PWM inverter allows control of the frequency (if injecting into an isolated grid),
current control (to prevent the current from exceeding the converter capability), and active
and reactive power control. Since the VSC designs (outlined in Section 2.1.2) are already well
developed, this analysis will summarize the main features and compare the number of
switches (and switch utilization), the switching frequency, and the efficiency of a 2-level
inverter and 3-level NPC inverter. Note that some commercial designs use multiple parallel
converters as they offer increased redundancy and can reduce losses as some converters can

be disabled at low wind speeds.
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3.1.1 2-Level Inverter

A 2-level inverter, as shown in Figure 10, will consist of six switching valves, each rated for
the voltage of the DC bus, given by:
v 2021, )

c mﬁ

where 7 is the modulation index. Assuming operation in the linear region, then » must be
less than 1 and will be assumed to be 0.95 for this design, resulting in a DC voltage of 1720
Ve The current of the converter will vary depending on the power output of the wind
turbine and will have a maximum rms value of 1732 A. If the converter is sized to continue
supplying rated power for a voltage dip of 85%, then the converter current should be rated
for 2038 A. If the converter is designed for a current of at least 115% of the maximum and
200% of the maximum voltage, then, using ABB 5SNA 2400E170100 type switches will
require two series switches per valve. A second design will be compared that uses a MV wind

turbine with a rated line-to-line voltage of 4 kV, resulting in a DC voltage of 6880 V.

The voltage across the switch will be equal to the DC voltage, and the current through the

switch and reverse recovery diode will be a pulsed sinusoidal waveform (shown in Figure 11).

Ipk

-Ipk

Vdc

(b) Switch Voltage

Figure 11: 2-Level inverter switch voltage and current.
Estimating the switching losses using (A16) requires the switching current at each turn-on
and turn-off instance. If the switching frequency is high compared to the frequency of the
collector current, then the losses can be estimated by finding the average current at each

switching instant.

Assuming a sinusoidal current, then the average of the collector current and square of the

collector current will be equal to /2 and 0.5, respectively. Therefore considering that the
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losses in the IGBT will only occur during half a cycle (during the other half of the cycle the

reverse recovery diode will conduct), the losses per switch will be given by:

T
Ve 1 . .
Boviger = 6VLC_7Z_ I (AIGBTI i sin’ (@)+ Bigar! pk sin(a)+ CIGBT)da 2/
0

cc

7

cc

%4 2, 21,
=6—2< Aigpr % + Bigpr —+ Cioar |/
i (10)

where 7, is the switch voltage at which the datasheet loss parameters are specified, and

losses are multiplied by 6 for the six valves. The parameters A, 5, Bcpp, and Cpyyp are

specific to the type of IGBT and are given on the datasheet (see Appendix A.2). The losses
1

are calculated by integrating over half a cycle, 0</< ngwhere J; 1s the ac grid frequency. To

simplify the analysis, a change of variables is used so that it is integrated from O<oa<n, where

o is equal to 2nfz,. Similarly using (A17), reverse recovery losses in the diode will by given by:

2
VWpe| | I 21, 11)
P,=6—-2% 4,2 4B +C
rr 2 % { D 7 D T D fv

The conduction losses will depend on the modulation waveform. Assuming sinusoidal
PWM, then the modulation waveform will be a sinusoidal waveform depending on the
modulation index and the angle between the current and the voltage. Taking the average over

one cycle and using (A11) and (A12), then the conduction losses in the IGBT are [56]:
Ll 2 o L .
P icer = 6n2—J. Repl e sin (a)+ Vrol pi sm(a) E(l + msm(a + 0))510{
7
0

1 m 5 1 m
= 6l’l|:(g + ijCElpk + (E + ECOS(Q)jVTOka:|

where 7 is the modulation index and 6 is the angle between the current and voltage, 7 is the

12)

number of switches per valve, and the factor "2[1+msin(a+0)] is the duty cycle. R, and 17,
can be obtained from the IGBT datasheet (see Appendix A.2). Similarly, the conduction

losses in the diode are:

1 m 2 1 m
P pivge =061 | ——— |Rppl; +| — ——cos\8) Vol
onDiode |:( 8 3”) DF* pk [ or 8 ( )j FO0* pk :| (1 3)

where R and 17, can be obtained from the IGBT datasheet (see Appendix A.2). The off-
state losses will depend on the cut-off current. Averaging the off-state losses over one cycle,

then:
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where 17, can be obtained from the IGBT datasheet. Relevant characteristics of the IGBTs
for calculating the losses are listed in Table 1. The 2400E170100 will be used for the 1720
Vpe design and the 0750G 650300 will be used for the 6880 V. design.

Table 1: ABB 5SNA 2400E170100 IGBT parameters for calculating losses in a 3 MW VSC.

2400E170100 0750G 650300
Max. collector-emitter voltage 1700 V 6500 V
Max. DC collector current 2400 A 750 A
Series switches per valve 3 3
Total number of switches 18 18
IGBT on-state voltage ~ Vo= 1.25V, Rcp=0.417 m€2 Vo= 1.3V, Rcpg=4.17 mQ
Diode on-state voltage Vro= 1.2, Rpr=0.19 mQ Vo= 1.75, Rpr=1.67 mQ
IGBT SWitChing Parameters AIGBT:1.38X10’7, BlGBT:2.8X10’4 AIGBT:5.64X10’6, BlGBT:9.2X10’3,
CIGBT:O~233, Vcc:900 \Y% C]GBT:1.65, Vcc:3600 \Y%
Diode Switching Parameters ~ Ap=-4.52x108, Bp= 3.82x10+4 Ap=-1.12x10-¢, Bp= 3.94x1073,
Cp=0.076, V=900 V Cp=375e3 V.=3600 V
Cut-off current 12 mA (Vcg=1700 V) 12 mA (Ver=6500 V)

Note: a detailed explanation of the different parameters is given in Appendix A.2.

The losses of the 1720 V. and 6880 V. based designs over the whole operating range of
the converter for a converter with a switching frequency of 1980 Hz operating at unity

power factor are given in Figure 12.
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Figure 12: 2-Level converter losses.
It can be seen that the efficiency is much lower for the higher voltage wind turbine design.
This is mostly due to higher switching losses in the 0750G650300 IGBTs, as using
2400E170100 IGBTs for the 6880 Vi, case will result in losses that are comparable to the
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1720 Vpe case (although requiring larger switches and resulting in 3x the number of

switches). The switch utilization, as defined in [57,58], will be given by:

. Pmax — Pmax
Sy oy WLV (15)

Swyi' swi
i=1

where g, is the total number of switches (diodes and IGBTSs) and [, and 1,

s S

are the peak

voltage and rms current. Utilization of the 1720 V and 6880 V cases is 24% at rated power.

It should be noted that if the converter is also used to provide reactive power then the
efficiency will decrease, especially at low active power levels. In addition, these losses do not

account for losses in other components.
3.1.2 3-Level Inverter

Multi-level converters can achieve a better voltage waveform by allowing intermediate
voltage levels. This will allow the converter to operate at lower switching frequencies and still
maintain low harmonics. Most designs are limited to 3 levels due to increased number of
components and complexity, as well as uneven distribution of the switch losses [59]. The
main types of 3-level converters are neutral point clamping (NPC) and flying capacitor (FC)
voltage source converters. A variation of the NPC VSC is the Active Neutral point clamping
(ANPC) VSC which is designed to reduce the uneven switch loss distribution [60,61]. This
section will analyze a 3-phase NPC VSC, shown in Figure 13.
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Figure 13: 3-Level neutral point clamping voltage source converter.
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The switches and diodes of the NPC VSC must be rated for half the voltage of the converter
and for a maximum current equal to the peak current of the converter. Using sinusoidal
PWM control, the voltage and current waveforms for the various switches, while operating at
unity power factor and operating in rectifier mode, are shown in Figure 14 and Figure 15.
Switching characteristics of switches connected to the DC bus (5-5,,) are in Figure 14(b)

and characteristics of switches connected to the AC side (§,-5,) are in Figure 14(a).
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(a) inner switches (57-55) (b) outer switches (57-572)

Figure 14: 3-Level converter switch voltage and current.
From Figure 14(a), the inner set of switches will have conduction losses both through the
IGBTSs and through the freewheeling diodes. Switching losses will only occur in the IGBTSs
(when operating in rectifier mode) since switching of the freewheeling diodes will be at zero
voltage. In Figure 14(b), it can be seen that current will only flow through the freewheeling
diodes, which will have reverse recovery losses. The neutral connected diodes (D,-D,) will

only experience conduction losses as switching occurs at zero voltage, as shown in Figure 15.
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Figure 15: 3-Level converter neutral diode (D;-Dy) voltage and current.
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Although Figure 14 and Figure 15 only show the rectifier mode switching characteristics,
other modes will have similar switching losses in each valve (each cycle having one hard
switched diode and one hard switched IGBT). The converter losses can be analyzed similar
to the 2-level converter in Section 3.1.1. Since the switching voltage across the inner and

outer IGBT's will be half the DC voltage, then the switching losses are:

v
Ve 1

Psw/GBT =6—— 2V 27[

(A1GBT1,2;k sin’ (0!)+ Biar! pi sin(a)+ C,GBT)da 2f,

v, I, 21,
= 6%(AIGBT ; +Biopr —— +CIGBT /s
c a (16)

Similarly, the diode reverse recovery losses will be:

2
1 Vpe ka 2ka
B, = 0 v [AD ) +Bp T +Cp | (17)

The on-state losses in the outer set of IGBT's will be given by:

0
P oier = ;—nI[RCEI f)k sin? (a) +Vrod i sin(a)}n(l + sin(a - 0))da
T
0

_ 6nm |:RCE] ;k

1 . 1 4
= 5 (— 1+60 - 5 sm(ZH) - 5 cos(2¢9) + E cos(@)} +

0 1.
+Vrol i (1 - cos(@) + B cos(@) 5 mn(@)ﬂ a8)

where 6 is the absolute value of the angle between the current in the voltage and 7 is the

number of IGBTSs per switch. Similarly, the losses in the inner set of IGBT's will be given by:

6n

0
onmner =4 J‘ RCE Pk Sll’l + VTOI " Sll’l ka +
27 !

+ ]E[RCEI 12:/( sin’ (a) +Vrol i sin(a)}w(l - sin(a - 9))da]

14

_6n 2 Q—COS(Q)Sin(Q)_ﬁ 3 4 1 1
= l:RCEka[—z 5 l-7+60+ 3 cos(6) 5 sin(26) + 3 cos(260) | |+

Vool {(1 ~cos(6))+ m[1 + (1 + %] cos(0) —%sin(ﬁ) + g cos(e)m

19)
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Both the inner and outer IGBTs will have similar on-state losses through their freewheeling
diodes. The on-state for both the inner and outer freewheeling diodes losses can be

calculated using a duty cycle of 7[sin(x-6)], and are given by:

P._. 6n—I[RDFI : sm + V.1, sm(a)]m(sin(a - 0)}105

62”: [R r (1 +§c0s(29)+§cos(9)j +7,,1,,(6cos6)- Sin(e»}

(20)
The neutral diodes will have on state losses over half a cycle and will be given by:
0
6 . . .
P niope = ﬁﬂ(RDFIf,k sin’ (a) + VFOka sm(a))m(l + sm(a - 9))da +
0
+ j [R ol f,k sin’ (a) + Vol i sin(a)}n(l - sin(a - 6’))da]
0
_ 6 1 1 .
= 2’1: {RDFI;,c ( 5 (7; - 2) 3 cos(26’)j +Vrol i [2 + (9 - %) cos(H) - sm(@)ﬂ o

The off-state losses for the inner set of IGBTs will have a duty cycle over half a switching
cycle of m[sin(«)]. The off-state losses for the outer set of IGBTs will have a duty cycle of
m|1-sin(a+0)] over half a switching cycle and over the other half of the switching cycle a
constant voltage of 1/2Vy, will be applied across the switch. Using an off-state voltage drop
of 2V, the losses for both sets of IGBT's will be:

e 6L I {@ Vb 1 cumﬁ}(l +m sin(a)+ m(1— sin(a)ﬁa

2r 2 2nV,,
V2
=6—2 (1+m)l
8V, )y 22)

Off-state losses in the neutral diodes will be over half a cycle with a duty cycle of #[sin(«)]:

T
1 14 14 .
P piope = 6gj{ﬂ et cutqff}"(sm(a ))da
0

2 2wV,
Ve
=6——— nV ml cutoff’
n ref (23)

Using the IGBT switch data for ABB IGBTs given in Section 3.1.1, the losses for a 3-level
converter operating at 1260 Hz are plotted in Figure 16. Both cases will require a total of 24

IGBT switches (4 switches in series per valve).
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Figure 16: 3-level converter losses.

In comparison with the losses of the 2-level converter shown in Figure 12, it can be seen that
the 3-level converter has lower losses at all power levels and shows and improvement of
around 0.5-3.5% at rated power (depending on DC voltage level). The disadvantage is a more
complex design, higher number of switches, and lower switch utilization (14.4% at rated

power).
3.1.3 Filter Design

The filter design should effectively reduce harmonics from the VSC converter, while
minimizing the effects on the converter response, resonances, and inrush currents. Methods
of evaluating the major harmonics for sinusoidal PWM can be found in [62,63]. The major
harmonics for 2-level converters occur at odd harmonics nearest to multiples of the carrier

frequency, and harmonics for 3-level converters occur at multiples of the carrier frequency.

LCL based filters have been proposed for VSC applications as they can be designed to
minimize the component size while also reducing inrush current problems with an L.C filter.

An LCL filter with a damping resistance is shown in Figure 17.

>IN—— >
lg Ly ig | Lo e
Cs
Rf Lf

Figure 17: LCL Filter.
Using the design procedure outlined in [64,65], then for a maximum input current variation

of 10%, the converter side inductor will be:
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Va

C

L = =
¢ P
16/ ullmax 1 0,142 *raed (24)

. 2 . 0 .
is P,,./o,) ", and xis less than 5%, @, is

Va

C

where C

base

The filter capacitor is given be C=xC,,,
the grid frequency (in rad/s) and 17} is the rms line voltage. The size of the grid size inductor
is related to the converter side inductor by I.=71., where r can be obtained based on the
ripple attenuation of the LC filter, given by:

io(h) 1

) - LGk

(25)

where 4 is the harmonic number. If the ripple attenuation is 20%, then the total current
ripple will be 2%. The damping resistor should be set high enough to reduce losses, but too
high a value will reduce the damping effectiveness. It will be set to 1/3™ the impedance of

the capacitor at the filter resonant frequency given by

L. +L,
a)res = <26)
\I LL,C,

The resonant frequency should be between 10x the line frequency and half the switching

frequency. Further reduction in filter losses can be obtained by using an inductor in parallel
with the resistor as in [65], given by:

R

f
L, =——

! @7
a)}" es

Note that the transformer leakage inductance should be included in the grid inductance (L.,).

The final filter component ratings for a total ripple value of 2% will be:

Table 2: 3-level VSC filter component ratings for a 3 MW converter with a 1000 V DC voltage.

398 uH
400 uF
272 uH
021Q
51 uH

cEOr

3.2 MYV Transformer
The MV transformer must be rated for the full power of the wind generator and should have
good efficiency over the whole operating area. Size, weight, and insulation type may also be

important design factors depending on the location.
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3.2.1 Transformer Design Overview

The transformer ratio required depends on the LV and MV bus voltages. The LV side is
determined by the wind turbine rating and is normally less than 1000 V. The MV side usually
varies from 12 kV to 33 kV, with higher voltages normally used at larger and higher power

wind farms to limit cable losses in the MV system and the HV transformer [1].

Most MV and HV transformer winding designs are wound in disks or interleaved disks (for
higher strength against voltage impulses). Fach disk will contain a number of turns and is
separated from other disks by an insulation gap that allows cooling of the winding. Normally
the LV winding is used as the inner winding. Insulation is required around the conductors,
between the LV winding and the core, between the HV winding and the LV winding,

between the HV windings of separate phases, and between the windings and the yokes [60].

The transformer insulation is normally a combination of paper and oil. The oil increases the
resistivity of the paper insulation and improves the cooling of the transformer. Typically, an
insulation electrical strength of 1 kV/mm is used for the transformer design, although the
electrical strength of oil immersed paper can exceed 65 kV/mm [67,66]. Dry or ait cooled

transformers can be used in certain applications (such as indoors).

The transformer core is normally made of silicon steel, which offers high saturation flux
density and low losses. Amorphous steel cores have also been used in small and medium
power distribution transformers and offer lower core losses, but have lower saturation flux

density. Core loss for 0.23 mm silicon steel and for Metglas amorphous steel are in Figure 18.

WATTS PER POUND

7

/

CORE LOSS

CORE LOSS— B, — WATTS FER KILOGRAM

(a) 0.23 mm Silicon steel core loss (b) 2605SA1 Metglas Amorphous Steel
(from Nippon Steel datasheet) (from Metglas material datasheet)

Figure 18: Core loss per kg in silicon steel and amorphous steel.
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A comparison between a MV amorphous core transformer and a MV silicon steel core
transformer is in Appendix B.2. The amount of leakage reactance is a trade-off between
having a low leakage reactance and improved voltage regulation and having a higher

reactance and lower fault current. In most designs, the leakage reactive is around 10% [66].

Most transformers operate at very high efficiencies (>98%). Designing the transformer
normally uses a cost minimization function to minimize the material costs and the core and
copper losses. Transformer losses were outlined in Section B.1. Since the wind power output
will typically operate well below the rated power, the design of a MV transformer for a wind

turbine should be designed based on the wind characteristics of an area.
3.2.2 Grid Frequency MV Transformer

For the AC grid topology shown in Figure 9 (a), a 3 MVA transformer rated for 1/33 kV at
60 Hz will be considered. Using the amorphous core transformer design from Appendix B.1,
then the efficiency for various wind powers for a transformer designed for an area with an

average wind speed of 8 m/s is as shown in Figure 19.

99.75
99.7

99.65

Efficiency (%)

99.6

99.5

Figure 19: 1/33 kV, 3MVA amorphous core transformer efficiency.

The final transformer design variables are listed in Table 3.

Table 3: 3 MVA, 1/33 kV MV Transformer design.

Copper weight 1811 kg
Core weight 3268 kg
Core diameter 313.7 mm
Number of HV turns 660
Number of LV turns 20
LV/HV winding height 557.3 mm
LV winding width 77.3 mm
HYV winding width 118 mm
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3.3 HV Transformer

The HV transformer is used to transform the voltage for the VSC HVDC converter. The
actual voltage level will depend on the VSC converter modulation; however for the SPWM
based converters in Sections 3.1.1 and 3.1.2, the DC and AC voltage are related by:

\/_ Veont Vdc (2 8)

Vip=—F7—"—"7-

\/5 vtri 2

where »,,/v,;is the modulation factor. If the modulation factor is around 0.95, and the VSC

converter will connect to a 500 kV HVDC line, then the AC voltage should be
approximately 290 kV. Many of the structural, mechanical, and insulation issues are more
significant with HV transformers and therefore a detailed design will not be performed as for
the MV transformers in Section 3.2. The efficiency is expected to be greater than 99% [68].

The weight can be expected to be greater than 300 tons, since offshore transformers for two

200 MW wind farms to be constructed near Denmark will be 280 and 300 tons.

3.4 HV VSC HVDC Converter
The VSC HVDC converter will connect the HVAC from the HV transformer to a 500 kV
DC line.

The same design steps as in Section 3.1.1 will be used for a 300 MW converter to connect to
the 500 kV HVDC line. ABB 58NA 0750G650300 IGBT switches will be used (relevant
characteristics were shown in Table 1). The total calculated 2-level converter losses are
shown in Figure 20. The number of IGBTS required is 924 (154 in series per valve).
oo
12

10

Losses (%)

Converter Power (pu)

Figure 20: HV 2-level VSC HVDC converter losses.
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Similatly to Section 3.1.2, the losses for a 3-level converter can be calculated using the switch
information in Table 1. These losses are shown in Figure 21. The total number of IGBTSs

required is 924 (154 in series per valve).

4
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I I I I I
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: : : : :
0 1 1 1 1 |
0.2 0.4 0.6 0.8 1

Converter Power (pu)

Figure 21: HV 3-level VSC HVDC converter losses.
As can be seen, the losses in a 3-level converter offer a substantial improvement and do not
result in an increased number of IGBTs (but will require more diodes for the NPC). These

types of converters have therefore been used in many recent VSC HVDC installations.

Harmonics for VSC HVDC converters are usually filtered by tuned shunt filters located on

the converter side of the AC transformer.
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CHAPTER 4: DC GRID DESIGN

From Section 1.2.4, the concept of a wind farm with a DC grid has been proposed for
offshore applications as a way to reduce costs and increase efficiency. Similar topologies
would be used as for an AC grid; however, instead of a DC-AC converter and transformer, a
DC-DC converter would connect each wind turbine to a MV DC bus. The MV bus would
then be connected to a HVDC line using an HV DC-DC converter. The connection of a

single wind turbine in a wind farm to an HVDC line is shown in Figure 22.

RvDe HV DC/DC Mé%/ritc)ic PMSG
Line Converter

DCDC  ACDC :
— Converter Converter

Other Wind
Turbines

Figure 22: DC bus based wind farm.
The DC-DC converter proposed in [69,70] may offer some advantages for a DC grid based
wind farm but it will depend on the ability to operate efficiently and to be stable during
faults. The efficiency will be analyzed in detail in this section and the performance during

faults will be evaluated in Chapter 5.

4.1 MYV Resonant Converter

The MV converter proposed in [69,70] is shown in Figure 23.

1 -

© Ve

V1 Cr |

Figure 23: External inductance resonant converter.

The main equations for the inductor current and capacitor voltage are:

ip(t)=1; (:os(a)0 (t ~t, )) + %sin(wo (t —t, )) (29)
0

ve(®) =V, - (Vs - Vco)cos(a)o (t —1 ))"‘ Zol sin(a)o (t —1 )) 30)
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where I}, and 17, are the initial inductor current and capacitor voltage and w, and Z, are the

resonant frequency and characteristic impedance defined as:

1

Wy =—

e 31)
LV

Zy=c (32)

Note that in discontinuous mode, the initial conductor current () will be zero and the

initial capacitor voltage (17,) will be -1,

The resonant DC converter in Figure 23 operates by changing the direction of the current
through the series resonant circuit. This effectively inputs an AC voltage onto the resonant
circuit with a frequency equal to the switching frequency. Depending on the switching
frequency the following operational modes are possible:

a) Switching at the resonant frequency

b) Switching below resonant frequency (discontinuous mode)
c) Switching above resonant frequency (continuous mode)

When the switching frequency is equal to the resonant frequency, then the circuit can be
divided into two stages depending on the switches that are operating. These are shown in

Figure 24.

iL
N .
+ L
T VC
A Cr

a) S1 and S4 ON

o

Ve

—
L,
S ol

b) S2 and S3 ON

Figure 24: Switching at the resonant frequency.

When operating in discontinuous mode (below the resonant frequency), there will be a delay
between when one set of switches turns off and when another turns on. When operating in
the continuous mode (above the resonant frequency), one set of switches will turn on before

the current in the other has decreased to zero. This will reverse bias the other switches,

34



turning them off. The resonant inductor current and capacitor voltage during discontinuous

and continuous mode operation is shown in Figure 25.

(a) Discontinuous mode.

(b) Continuous mode.

Figure 25: Resonant voltage and current with switching above and below resonant frequency.
The required switch ratings will change depending on the switching frequency. The switch

currents and voltages during continuous and discontinuous mode operation are shown in

Figure 26.
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(a) Discontinuous mode. (b) Continuous mode.

Figure 26: Switching voltage and current characteristics.
As can be seen in Figure 206, the switches may expetience high di/dt effects when switched
above the resonant frequency and a series inductor may be required to reduce the 47/ dr. The

turn-off voltage in discontinuous mode is 17,/2-17,/2, much lower than that in continuous

mode and therefore results in reduced switching losses.

The sizing of the series inductor will depend on the maximum d7/ds of the thyristor. For

example, the ABB 58TP 380Q4200 (considered in Section A.1) datasheet lists the maximum
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rate of rise of on-state current as 250 A/ps (for continuous switching at 50 Hz). In addition,

the time after the switch turns off and the zero crossing of the voltage must be greater than

the maximum circuit commutated turn-off time. Some example rated turn-off times for

various thyristors are given in Table 4.

Table 4: Comparison of thyristor turn-off times from different manufacturets.

Peak Voltage Average Current Turn-off time
58TP 16F2800 2800 V 1400 A 400 ps
58TP 08F6500 6500 V 830 A 700 ps
58TP 12F4200 4200 V 1150 A 600 ps

SPT411A 5000 V 4600 A 400 ps
SPT314A 2500 V 4700 A 300 ps
SPT407 2500 V 7525 A 300 ps
FT1500AU-240 12000 V 1500 A 1000-2000 ws
DCR720E 1800 V 724 A 300 ps
DCR1008SF 3600 V 1051 A 500 ps
EUPEC T2563 N 8000 V 2520 A 550 us

Note that manufacturers may allow reduced turn-off times, although this will lead to higher

on-state losses. As well, these turn-off times depend on the voltage gradient (e.g. 20 V/us for

ABB thyristors) and can be reduced for lower gradients. The voltage gradient can be varied

with an RC snubber, where:

avy Vo
dt ). .« RC
In discontinuous mode, the turn-off time is given by:

L,L-h T T,

t
T4 2 2 4

In continuous mode the turn-off time is given by:
¢ _ Ts + Ts B Ts _ Ts
T4 2

4
Therefore the maximum switching frequency is given by:

1

- T, <7,
4'Tojj"max ’
fsmax = 1 T >T
TO s 0
2.Toﬁ’max +—

2

(33)

(39

(35)

(36)

Due to the short turn-off times in continuous current mode and the high d7/df, only the

discontinuous mode will be considered (more details on the continuous mode operation are

in Appendix C.2).
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Other important design parameters include the peak current and power for different
switching frequencies. Using the analysis in Appendix C.1, the peak current in discontinuous
mode is given by:
I = [M] (37)
P Z,

and the average current in discontinuous mode is given by:

11, =4 +1L)C, f, (38)
From Appendix C.1.2, the converter power is given by:

2
Prax = Eyy 2fc :%va (39)
Ty v
4.1.1 Component Requirements

The component requirements of the switches and the resonant inductors and capacitors are

listed in Table 5.

Table 5: Single phase DC-DC converter component requirements.

Component Rating

Thyristor (_S‘ 74)

Current—rated for the average input cutrent (eq. (37)). Note that the peak
current will be high, but the switch will be off for half the switching cycle.

® Voltage—rated for peak voltage which is greater than 2 +217; (depending on
the value of L)

Diode (D14) Current—rated for the average output current
®  Voltage—rated for peak voltage which is greater than 2 +217; (depending on

the value of L)

Capacitor (C)) Current—rated for the peak input current (eq. (37))
®  Voltage—rated for peak voltage which is greater than 2 +217; (depending on

the value of L)

Inductor (L) Current—rated for the peak input current (eq. (37))

= Voltage—rated for peak voltage which is greater than 1> +217 (depending on
the value of L)

The power ratings for the thyristors and the resonant capacitor and inductor will be very
large since they must be rated for LV side current and the HV side voltage. When operating
close to the resonant frequencies, the resonant capacitor and inductor rating can be

approximated as an equivalent MVAR rating of:

V. I‘Z T
0, =F =7 G.F “0

R R
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where G, is the gain of the converter.
4.1.2 Design Example

The converter will be designed to step up the voltage from 1000 V to 33 kV and will be
designed for a maximum power of 3 MW. Assuming a PWM based DC rectifier, then the
DC voltage will be given by:

;o 2W2r,,
dc mﬁ

where 7 is the modulation index. Assuming operation in the linear region, then » must be

(41)

less than 1 and will be assumed to be 0.95 for this design and the resulting DC voltage will

be 1720 V.. Using the maximum power (eq. (39)), then the size of the resonant capacitor is:

max

4fsV1V22

_ P2 -1)

y =

(42)

Using the maximum switching frequency for discontinuous mode operation (eq. (306)), then

the value of the resonant inductor will be given by:

2
1 1
L=—— [7—2’%} (43)

If the maximum power corresponds to the boundary between the continuous and

discontinuous operation, f=/,=1/(4T,), using (42) and (43), then:

2T,
L= al
22 Paa 2 =11) (449
A%
P..(v,-n)
Cr — 2T0 ) max \" 2 1 45
ﬁ‘( 2V1V22 J (45)

Therefore as the maximum power increases, the capacitor size will increase and the inductor
size will decrease and decreasing the switch turn-off time will decrease the size of both the

capacitor and inductor. In addition, since the peak input current is given by:

C
1=, +V,) T (46)

¥

then I, is directly related to the maximum power and is independent of the turn-off time.
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Three switches will be compared for this design: the ABB 5STP 12K6500, the ABB 5STP
12F4200, and the ABB 12N8500 and will be referred to as designs A, B, and C. Using a turn-
off time equal to the maximum turn-off time of the switches and designing so that the
maximum power of the converter corresponds to the border between the continuous and

discontinuous modes, then the resulting size of the inductor will be 6.5 mH for Design A.

As can be seen by the waveform in Figure 26, when all switches are off, then the voltage
across the switches will be around 17,/2. Allowing the switch voltage to remain at a lower
voltage over the reverse recovery time will reduce the turn-off losses (outlined in Section
A.1). To take advantage of this, the maximum turn-off time in this design will be increased

by the reverse recovery time of the switches, therefore:

1
T, +2t, 4T, 21,

f&‘ max (4 7)

Note that if the high voltage inductor is small, then the diode turn-off losses will also be
reduced, since the voltage across the capacitor will be constant at the end of the switching

cycle that will allow the diodes to turn off before the beginning of the next switching cycle.

The reverse recovery time can be estimated using the rate-of-change of current when the

switches turn off, which from (C14) is given by:

_ disw(t) _ (Vl _V2)

! dt L

and are equal to 4.81 A/us for Design A. From the switch datasheet, the reverse recover

(48)

charge and current can be estimated as 5510 uAs and 174 A for Design A. From Figure

A-5(b), the reverse recovery time will be:

lyp =— (49)

and will be equal to 63.3 us for Design A. Using (42), (43), and (47), the sizes of the resonant

capacitor and inductor are given by:

L o, -1,)
T [ P -1) ~ (50)
o Pl e, -,
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max( 2 l)
c =lr. - Lo V5 =V1)
r ( off t*’r{ 2VlV22 ] (51)

The resulting inductor sizes are 5.7 mH for Design A. The resulting rate-of-change of
current when the switches turn off will result in similar reverse recovery times as before. The
output capacitor and input capacitors will be designed for a maximum 5% variation using
(C33) and (C34). The resulting converter parameters for designs A, B, and C, using the same

design procedure, are listed in Table 6.

Table 6: Converter design components for a 1.72/33 kV, 3 MW wind turbine DC-DC converter.

Design A Design B Design C
Switch model ~ ABB 12K6500 ABB 124200 ABB 12N8500
Turn-off time 800 s 600 ps 800 ps
Resonant capacitor (Cy) 38.5 pF 28.4 uF 38.3 uF
Resonant inductor (L) 5.7 mH 4.1 mH 5.6 mH
Resonant frequency 339 Hz 467 Hz 342 Hz
Maximum switch frequency 325 Hz 440 Hz 327 Hz
Peak current 2.85 kA 2.90 kA 2.86 kA
Max. rate-of-change of current (s) 6.1 A/ps 7.66 A/ys 5.5A/ps
LV DC capacitor 31.1 mF 23 mF 31 mF
MV DC capacitor 82.6 uF 61 pF 82.3 uF

Note that the switching frequency in this thesis is based on a switching period from when a

switch turns on to when it turns on again. There will be two current pulses in each period.

The number of series connected thyristors per switch valve will be designed for the
secondary voltage with a 100% margin. Therefore each valve will have 11 thyristors for

Design A, 16 thyristors for Design B, and 8 thyristors for Design C.

The thyristor utilization, as defined in [57], will be given by:

U= max 52
chylththhy ( )

and 1

where ¢, is the total number of thyristors in the inverter and |, oy

by are the peak voltage

and rms current through the switches. The full load utilization ratios of designs A, B, and C

vary between 0.1% for Design B and 0.2% for Design C.
4.1.3 Converter Losses

Using the design examples, the converter losses can be estimated based on the methods

outlined in Section A.1.
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4.1.3.1 Switch Losses

At turn-on, the initial current through a thyristor is zero (since it is operating in
discontinuous mode) and the initial voltage across the thyristor will be equal to 17,/2-17,/2.
Estimating the initial resonant capacitor voltage at the time of switching as [/, then the

current through the switch at turn-on will be:

Vi+V,

isw (t) = iL (t) =

sin(wot ) (53)
0

The time to reach the peak of the input current will be:
f oL
"oaf

This time for both designs is too short to be obtained from the switch datasheet graphs of

G4

the turn-on energy for half sinusoidal waves (the minimum time specified is 1 ms). To
estimate the losses using (A5), I is considered equal to 17,/2-17,/2 the rate of change of
current given in Table 6, and 7, is estimated as outlined in Section A.1, the turn-on loss per

half-cycle can be approximated as:

vV 1 V, WV
VVturn—on = 2(% Sit\%OJ = Esit\% (72 _Elj (55)

where s, is the rate of change of current during turn-on, and 7, is the time for the voltage to
decrease to the on-state voltage (see Appendix A.1). Eq. (55) is multiplied by two since two

sets of thyristors will turn on in each half cycle.

To estimate the turn-off losses, (), and I, can be obtained from the datasheet depending on
the rate-of-change of current. From (A7) and @, and I, (given in Section 4.1.2), the reverse
recovery losses can be estimated as:

1V, r\v,
W.,,=2 V.. 1 OFF | _» I 271
RR (QRR OFF 2s, Orr 2, 2 2 (56)

The thyristor conduction losses can be estimated using (A1). Therefore from (29) and (C14),

the on-state losses over one half-cycle will be given as:
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lc
Won = I]L (t)znsw(VTO +rply (l))dt

2
=204\ Violiave + 17 E%J (% —%sin@a)otB )J + Iz(tB )(tc _tB)"'
0 2))

_ 22 _ 2.3 3
"'2[(%{1/1 LVz)fcle +(Vl Lsz tC3tB\]
)

where 7, is the number of series connected thyristors per switch valve and #; and 7. are

shown in Figure C-1. The thyristor off-state losses per half cycle can be estimated using the

forward and reverse blocking leakage current:

T,/2 T./2
Woer =2 j o j Vo ﬂdt
sw” thy T,/2 Ry, thy
T,/2
V
_zj W, (v, + 7, ooslagt )| etk +.4. ( IJ ey
N3V iy 2 2 ) ng V

T,/2
:2J. |:(I/1 +V2)Sln(a)0t)]2 Ileak dt 4I (Vz I/lj Ileak dt
0

Ay thy 2 nsthhy
2
1 Vv, V T.-T ) I
(I/1+V2) L ﬂ+4 72 71 (S (J) leak
4fo ng Wy 2 2 2 n, Wy, (58)

where I, is the leakage current. The thyristor parameters (either estimated or obtained from

the datasheet) used for calculation of the losses of the two converter designs are summarized

in Table 7.

Table 7: Thyristor parameters for calculating losses in a 1.72/33 kV, 3 MW DC-DC converter.

Design A Design B Design C
Model ABB 12K6500 ABB 12F4200 ABB 12N8500
tvo 23 us 21.1 ys 23 ps
Qrr 6186 pAs 4873 pAs 11218 pAs
L 206 A 159 A 346 A
Vo 1.18 V 095V 1.25V
rr 0.63 mQ 0.575 mQ 0.48 mQ
gy 11 16 8
Tieak 600 mA 200 mA 700 mA

Using (55)-(58), the total power losses can be calculated at various frequencies of operation.

The total power losses will be given by:
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By, = (Wmm—on +Wrr +Won +Worr )z.fs (59)
where only W, varies with the frequency of operation. Losses in the HV terminal diodes
can be calculated using (C14). The diode on-state losses will be:

7./2
Wondiode = J-I L (6)2n, (VFO +rel (¢ ))dt
0

V-V, ik -ik (V=W ) ik -1
—2nd[wzm+rF[12<errc—z3)+zz<r3)[1 ] ( ] 25
(60)

L 2 L 3

where 17, and 7, can be obtained from the datasheet and 7, is the number of diodes
connected in series per valve, and the different times are defined in Appendix C.1.1. The
diode reverse recovery losses will be ignored since by keeping the switching time below the
resonant frequency, then the capacitor voltage will remain close to the turn-off voltage long
enough for the diode to fully turn-off before the beginning of the next switching cycle
(detailed in Section 4.1.2).

Over each switching period, the voltage across the diodes will change between zero and 17,
In the off-time, after the current has fallen to zero and before the next switching cycle, half
of the diodes will have a voltage of 17, across them. Therefore the diode off-state losses over

half a switching cycle will be:

Ty /2 2 2 2
4[ea V. V. ZIeaV TS—T IeaV T TS
Worrdiode = ——2 I —2+—2005(a)0t) dt+—42 0otk 2 | 045 (61)
ng Vrat 2 2 ng th 2 ng Vrat 4 2
The total diode losses will be:
Pdiode = (WONdiode + WOFFdiode)zfs (62)

The diodes should be selected to have a high voltage drop and low on-state losses. These
losses should be low since the average current through the diodes will be 1,/2. The diodes

used for this example are ABB 58DD 31HG6000 rectifier diodes, with parameters in Table 8.

Table 8: Diode parameters for calculating losses in a 1.72/33 kV, 3 MW DC-DC convertet.

Model ABB 12K 6500
Vim 6000 V
Trave 3246 A
Vo 0.894 V

rF 0.166 m&
Tieak 120 mA

The losses for operation at various converter power levels are shown in Figure 27 for all

switch designs:
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Figure 27: Converter losses at various power levels.

Designs A and C have lower losses due to lower on-state voltage drops and fewer switches.

The individual switch losses from the different sources are shown in Figure 28 for Design A.
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Figure 28: Components of converter losses for Design A at various power levels.

The main sources of thyristor losses at full load are from reverse recovery losses and on-state

losses. Design methods to reduce reverse recovery losses include:

Reduce dif d—this can be reduced by increasing the size of the resonant inductor (or
effectively by increasing the switch turn-off time). Adding thyristors in parallel will
also decrease the switch 47/ dz but will result in increased number of switches and in
increased off-state losses.

Use capacitive snubbers—a capacitive snubber can be used to reduce I, and the voltage
gradient at turn-off.

Using fast turn-off thyristors—these thyristors have low turn-off losses but higher on-

state voltage drops which will increase the on-state losses.
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Design methods to reduce on-state losses include:

= Reduce on-state current—the on-state current can be reduced by adding thyristors in
parallel, but will result in higher number of switches and higher off-state losses. In
addition, this will only reduce the on-state current due to the on-state resistance (7)
and losses due to the on-state voltage (I7;,) will not decrease, therefore adding more
than two in parallel will not greatly decrease these losses.

= Reduce on-state peak current—the on-state peak current can be reduced by increasing
the size of the resonant inductor (or effectively by increasing switch turn-off time).

= Using low on-state voltage drop thyristors—thyristors rated for higher currents generally
have lower on-state voltage drops; however, these switches often have higher

switching losses and turn-off times.

The losses will also be reduced when a lower converter gain is required. If the input voltage
is higher, then a lower current will pass through the switches and will result in lower on-state
losses. If the reverse recovery losses then dominate, using fast turn-off thyristors can be
advantageous (as noted above). For comparison, Design B is used with a LV input of 3440 V
and 6880 V, corresponding to generator AC voltages of 2000 V. and 4000 V.. In this case,
the average on-state current will be lower and therefore the losses of Design B are compared
with a low switching loss (but high on-state loss) thyristor. This is shown in Figure 29. Note
that the Polovodice switch used for Figure 29(b) was designed with the same design steps
outlined in Section 4.1.2, but with a turn-off time of 150 us. Another advantage of the 4000

V¢ configuration is that the utilization is twice that of the 1000 V. configuration.
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Figure 29: Converter total thyristor switching losses at various DC voltages.
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As can be seen, the low reverse recovery losses in fast turn-off thyristors result in
comparable converter losses when the average input current is lower. This can be beneficial

since operating at a higher frequency will allow a reduction in the component sizes.
4.1.3.2 Resonant Capacitor Losses

The resonant capacitor at full load will have an almost sinusoidal waveform with a voltage
amplitude of around *17, and a current amplitude of *I,. To estimate the losses in the
resonant capacitor, the capacitor losses of from Figure A-11 of 0.1 W/kVar will be used.

Approximating the capacitor voltage and current as sinusoidal, then the losses will be:

=0. ooo{ = f/_] ©63)

Using (63), the capacitor losses for the converter are around 0.15% at full load operation.
4.1.3.3 Resonant Inductor Losses

The resonant inductor will be designed for the inductances listed in Table 6. The maximum
current of the inductor will be I, = 2.8 kA and the maximum voltage will be 17, = 33 kV.

The cost minimization function in Appendix B.3 will be used to design the inductor.

The conduction losses will vary depending on the frequency of operation and to the
characteristics of the wiring. They can be divided into AC and DC losses using Fourier
analysis. The AC losses will depend on the harmonics of the input current and losses due to
the skin and proximity effect [58]. Using Fourier analysis at operation close to full load (at

close to the resonant frequency), the input current can be given by:

)= EI N Z L {1 cos((1+ n)a)o) 1—cos((1—n)m, )} cos(nay) ”

x ™ ~ 2r l+n l-n
The only major harmonic will occur at 2x the switching frequency and will be 1/8" of the
magnitude of the DC component (which is the average input current). When the switching
frequency decreases, more important harmonics will occur at lower frequencies. This can be

seen in Figure 30, which shows an FFT plot for the input current when switching at the

resonant frequency and at half the resonant frequency.

46



lavey — - - - - - —————————— -~~~ — |~ TS=1/2f H

Magnitude

2f0
Frequency

Figure 30: Input current harmonics.

Assuming copper wire, where the permeability is equal to p,, the skin depth for a cylindrical

/ P,
o= |l 65
27fﬂof0 ©

The AC resistance of a cylindrical conductor will be approximately equal to the DC

wire at 2x the resonant frequency is:

resistance when the skin depth is greater than the radius of the wire. Therefore to limit skin
effect losses for design B, which has a resonant frequency of 466 Hz, and a resistivity of
1.724e” Q-mm, the radius of the conductor should be less than 2.16 mm. If the average
current must be less than 4 A/mm?, then the conductor radius should be greater than 11.8
mm, and therefore multiple parallel conductors or Litz wire may be required. Since the AC
component is 1/8" of the magnitude, the issues with skin effect should be lower than with a

comparable AC transformer.

If the conductor design is assumed to minimize additional skin and proximity effect losses,

then using (29) and (C14), the DC copper losses will be given by:

Ic
F, = J‘IZ (t)Rcudt ) zfs
0

2
Vi+V, | (t 1
=2R, L2 B sin(QRaty ) |+ 1 (e, N — 25 )+
mfs( 2 ](2 do, ( og)j (es Ntc —15) (66)
2
V(TN L ER el SN A il
L 2 L 3

where R, depends on the conductor resistivity, the length, and the cross sectional area. If an

inductor core is used, then from (B35), the core losses will be given by:
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whete 1/

core

is the volume of the core and the core loss equation is divided by two because of

the unipolar flux.

Based on (39) and (B11), and using the Raleigh distribution to estimate the wind variation,

the expected switching frequency for a mean wind speed will be given by:
U]z V-1 V(U 4]
J’f dU= _[P ——L ==l "YU (68)
anyscC, )2\U
where P;(U) can be estimated at various wind speeds based on (B6). As can be seen, both the
core losses and the copper losses are linearly related to the switching frequency. Since the

converter power is also related to the switching frequency then the efficiency over the entire

range of operation will be constant.

The final inductor properties, based on minimizing the cost of the core and conductor
materials (as outlined in Appendix B.3) and the cost of the losses over the lifetime of the
converter, are summarized in Table 9. The flux in the core will be the sum of the AC and
DC flux densities (given in (B24) and (B25)), and will be a maximum close to the zero
crossing of the resonant capacitor voltage. The flux density at this point can be estimated as:

[ 1 I V.
B ax =Bpc + B¢ Z—#O}; e "'TJ‘VL(t)dt = ﬂo’; Bk o izA
0 c

g nCT g

max

~ /uOnImax + 1 ZO _iluonlmax

l, 204, 2, (69)
Table 9 shows the resulting design for an air core inductor as in Appendix B.3.1, with an
average current density in the conductor set to 4 A/mm” (of the average full load current).
Allowing this parameter to vary will increase the efficiency (up to around 99%) but will

require more copper. An illustration of the toroid inductor dimensions is in Figure B-8.

Table 9: Toroid air core inductor design for a 1.72/ 33 kV, 3 MW single phase DC-DC converter.

Designs A and C Design B
Inductance (L) 5.7 mH 4.1 mH
Core diameter (d.) 0.87 m 0.81 m
Conductor size (Weuixlen) 145x2043 mm? 137x1920 mm?
Conductor weight (Mc.) 2375 kg 1949 kg
Ave. cutrent density 4 A/mm? 4 A/mm?
Number of turns (n) 191 167
Expected efficiency 96.9% 97.4%
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Based on the results in Table 9, the efficiency varies very little between the three designs. For

comparison, inductors using a silicon steel core (with B, set to a maximum of 1.5 T) and an

amorphous steel core (with B, set to a maximum of 1.2 T) are shown below:

Table 10: Toroid steel core inductor design for a 1.72/ 33 kV, 3 MW single phase DC-DC converter.

Silicon Steel Amorphous Steel
Inductance (L) 5.7mH 5.7mH
Max. flux density (B) 15T 12T
Core weight (Mp) 4167 kg 9557 kg
Core diameter () 0.44 m 0.64 m
Air gap (4) 0.42 m 0.28 m
Conductor size (w.x/,) 55x320 mm? 52x298 mm?
Conductor weight (M.,) 930 kg 637 kg
Ave. current density 4 A/mm? 4 A/mm?
Number of turns (1) 135 62
Expected efficiency 98.1% 99%

As can be seen from Table 9 and Table 10, the air core conductors have worse efficiencies

than those designed using silicon steel or amorphous steel, although equivalent efficiencies

could be achieved by decreasing the current density (which was set to 4 A/mm?). Air core

inductors are easier to cool and construct, although they may require a magnetic shield

depending on the design and the surrounding equipment.

Use of wind turbines with a higher output voltage will result in lower inductor sizes and

losses in addition to lower switching losses (as seen in Figure 29). Toroid designs for

inductors designed for Design A and Polovodice TR918-1010-30 switches for a converter

with an input voltage of 6880 V are shown in Table 11.

Table 11: Toroid air core design for a 6.88/33 kV, 3 MW single phase DC-DC converter.

Design A TR918-1010-30
Inductance (L) 25.6 mH 4.6 mH
Core diameter (d.) 0.68 m 0.48 m
Conductor size (Weuixlew) 113x1590 mm? 80x1128 mm?
Conductor weight (Mc.) 1108 kg 396 kg
Ave. current density 4 A/mm? 4 A/mm?
Number of turns (n) 459 231
Expected efficiency 98.6% 99.5%

As can be seen, the design using Polovodice TR918-1010-30 fast turn-off thyristors has a

higher efficiency and a much lower weight.
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4.2 MYV 3-Phase Resonant Converter
A possible variation of the resonant converter described in Section 4.1 is the 3-phase
resonant converter described in Appendix C. This converter offers some improvements over

the single-phase resonant converter, including:

»  Lower peak input current—I’R losses can be reduced in both the converter switches and
the resonant inductors due to lower peak currents at full load. The peak input current
at high switching frequencies will be close to the average input current. The
efficiency advantages will be greatest for high power converters that will have a high

peak current.

»  Lower switching losses—Dby placing an inductor in each converter branch, the rate-of-
change of current can be reduced (depending on the size of the inductor). Lowering
the rate-of-change of current will decrease reverse recovery losses and turn-on losses,
and allow the converter to be operated in discontinuous mode (which would result in

very high di/ dt with a single inductor).

»  Lower input current ripple—since the converter can be operated in discontinuous mode,
the input current at high switching frequencies will be close to a constant value equal

to the average current.

The main disadvantages of this converter compared to the single phase converter are 1.5x

the number of switches, 6x the number of inductors, and 3x the number of capacitors.
4.21 Design Example

If the minimum turn-off time of the thyristors is known, then the maximum switching
frequency can be calculated since the turn-off time in continuous mode operation is 1/6" the
switching period. Since the converter will be designed for a set maximum power and
maximum discontinuous mode current, then (D41) and (D89) can be used to obtain the
resonant capacitance and inductance size. Designs using the same switches as were used in
Section 4.1.2 will be compared. Note that to limit the sizes of the resonant inductors,
Designs A and C will use a peak discontinuous mode current of 750 A while Design B will

use a peak discontinuous mode current of 500 A.

The peak current in the switch (in continuous mode) can be calculated based on (D91). The

resulting converter designs are summarized in Table 12. The number of thyristors per switch
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is based on a maximum switch voltage of 1, with an extra 10% margin. The HV side

capacitor will be sized using (D43) for a maximum voltage variation of 5% per pulse.

Table 12: 3-phase converter designs for a 1.72/33 kV, 3 MW DC-DC converter.

Design A Design B Design C
Switch Model ~ ABB 12K6500 ABB 12F4200 ABB 12N8500
Turn-off time 800 us 600 ps 800 us
Resonant Inductor 8.9 mH (x6) 12.6 mH (x06) 8.9 mH (x6)
Resonant Capacitor 70 pF (x3) 44 uF (x3) 70 pF (x3)
Peak Input Current (disc. mode) 750 A 500 A 750 A
Max. Switch Frequency 208 Hz 278 Hz 208 Hz
MV DC Capacitor 36.4 uF 23 pF 36.4 pF
Series Connected thyristors per valve 11 16 8
Thyristor utilization 0.15% 0.1% 0.21%

4.2.2 3-Phase Converter Losses
4.2.2.1 Switch Losses

Calculating the losses will be performed similarly to the single phase converter. The voltage
at turn-on and turn-off (17, will be given by (D90) in the continuous mode and by
(17,/2+17,/4) in the discontinuous mode. In discontinuous mode, the rate of change of
current at turn-on can be obtained from (D1) and (D41). The slope at turn-on and turn-off in
continuous mode will be estimated based on (D60) and (D61) as 1,/2L.. Similarly to (55) and

(50), the turn-on losses for the six thyristor switches per cycle will be:

VVtum—on = 6(@ N i IEOJ <7O)
6
and the turn-off losses for each switch per cycle will be given by:

[frVOFF] <71)
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i

The on-state losses in discontinuous mode per cycle will be given by:
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where 7, is the number of thyristors per switch. The losses are multiplied by a factor of two
since there will be two current pulses in each switch per cycle. The on-state losses in
continuous mode will be estimated by considering the current in each switch over 1/3" of a

cycle as that shown in Figure 31.
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Figure 31: Estimated current waveform in continuous mode operation.

1, in Figure 31 is given by (D88). When #<T /3, then the peak current can be estimated as
equal to the average current and the time (t,-t,) will be given by T,/3-7. When £>T,/3, then

the peak current will be less than the average input current and the time 7 A #, will be estimated

as T,/3 and (#,-2,) as 2LI,/ 1/, =T,/ 3. The on-state losses will be:
(3% V. "
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The discontinuous mode off-state losses per cycle can be evaluated from Figure D-6 and

using (D46), (D48), and (D51), so that:
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To estimate the off-state losses during continuous mode operation, the voltage during the

(74)

off-state will be assumed to vary linearly between £17 . (given by (D90)). The current will be

assumed to vary as in Figure 31. Therefore the off-state losses over one cycle will be

approximately:

[

ea / I ea
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where 7,,1s equal to T—(27,+14,). Therefore using (70)-(75), the switching losses over the entire

converter operation can be evaluated. The thyristor power loss will be given by:

Bh = (VVturnfon + WRR + WON + WOFF )f s (76)
The thyristor parameters used for this evaluation are evaluated from the datasheet, similar to

Section 4.1.3.

The diode losses will include the on-state losses and off-state losses. Similarly to the single-
phase resonant converter, the diode reverse recovery losses can be ignored if the inductor is
small. The on-state losses during discontinuous mode can be evaluated since the current into
the HV terminal will be equal to half the input current (shown in Figure D-5). Considering
that there are two current pulses in each diode per cycle, then using the analysis in Appendix

D.1, the total on-state losses per cycle will be:

1,16

1 1
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tZ cond
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The off-state voltage drop across the diodes will change from —17, to (17,/2+317,/4) to zero,
and from zero to (17,/2-317,/4) to 1/,. Summing the different voltage drops over one cycle,
then the total off-state losses per cycle in discontinuous mode operation will be:

T,
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The continuous mode diode current will be estimated using the approximation of a constant
input current. In each cycle, current will flow into the HV terminal at time #,,,, with an
approximate current of I,/2. After switching, the current will decrease with a slope of
17,/2L. Considering there are two current pulses in each diode per switching cycle, the on-

state diode losses will be:
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During the continuous mode, the diode voltage drop will change from —1, to zero and from
zero to —17,. Approximating the rate-of-change of voltage to be constant, then the

continuous mode off-state diode voltage loss will be:

Vi T
/4 cont diode — 6—2_S]ea 80
OFFcont_diod n V2 leak (80)

The thyristor losses of the converter in continuous mode operation are shown in Figure 32.
Note that the losses close to the border between the continuous and discontinuous modes
show a non-linearity since the estimation used in Appendix D.2 of a constant input current is

not accurate in this region.
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Figure 32: 3-phase converter continuous mode losses.
As can be seen, Design B has lower losses than the other designs (and slightly less than the
single phase converter designs in Section 4.1.2), but this will require high component ratings.
Similatly to the single phase converter, the main sources of full load losses are due to on-

state losses and reverse recovery losses. Methods to reduce reverse recovery loss include:

*  Reduce di/ di—this can be reduced by increasing the size of the resonant inductor (or
effectively by decreasing the maximum discontinuous mode current). Adding
thyristors in parallel will also decrease the switch d7/dt but will result in increased
number of switches and in increased off-state losses.

= Using fast turn-off thyristori—these thyristors have low turn-off losses but higher on-

state voltage drops which will increase the on-state losses.

Design methods to reduce on-state losses include:
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= Reduce on-state current—the on-state current can be reduced by adding thyristors in
parallel, but will result in higher number of switches and higher off-state losses. In
addition, this will only reduce the on-state current due to the on-state resistance (7)
and losses due to the on-state voltage (I, will not decrease, therefore adding more
than two in parallel will not greatly decrease these losses.

= Reduce on-state peak current—the on-state peak current can be reduced by increasing
the size of the resonant inductor (or effectively by increasing the switch turn-off
time).

= Using low on-state voltage drop thyristors—thyristors rated for higher currents generally
have lower on-state voltage drops; however, these switches often have higher

switching losses and turn-off times.

Similarly to the single phase converter, using a higher voltage turbine will lower the converter
losses. The losses of Design A and of a design using the same type of switches but with a

wind turbine with an output voltage of 4000 V is shown in Figure 33.
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Figure 33: Comparison of losses for designs using 1000 V and 4000 V turbines.
In addition, the switch utilization increases from 0.15% to 0.68%. The 4000 V turbine design
in Figure 33 was designed to have similarly sized resonant inductors. Lower losses of less

than 2% can be achieved if the inductor size is increased.
4.2.2.2 Resonant Capacitor Losses

The maximum capacitor voltage will be given by (D85) and therefore the capacitors need to

be rated for around 23.7 kV (peak). If the capacitor losses are evaluated similar to those in
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Section 4.1.3 by assuming sinusoidal waveforms, and assuming that the peak capacitor

current is equal to the peak switch current, then the maximum capacitor losses will be:

v 1 0. . 2
P, =3-0.000 o Lk | _3-0.0001(¥, ¥, }_0.0001( ¥y 80
22 2 2 6Lf, 8 | Lf,

This results in losses of 0.13% at full load for both designs A and B.

4.2.2.3 Resonant Inductor Losses

Using the same design method as in Section 4.1.3, using a maximum average current through
each inductor of 1/3" the average input current, a maximum voltage of [, and a maximum
input current given in Table 12. If a Raleigh distribution is used to estimate the wind

variation, the expected conductor losses in an inductor will be given by:

U 2

(2 8

where P, (U) is the estimated inductor conduction losses for each wind speed. In

discontinuous mode, the conduction losses as a function of the switching frequency will be:

2 2
T,/2 ﬁ VZ 54_&

2 4 1
=2 I sin a)t dt-f. =| =—"—| — 83
Ldzsc 0 ) pL st ZZO 2f0 pL.fs ( )

where p; will be calculated using the minimization function described in Appendix B.3 and f;
is a function of the power using (D38), which can be a function of the wind speed using (BG).
In continuous mode, the converter current will be assumed to be similar to Figure 31 and

will be given by:

Pon: = 2'[( JdH_[ L) dt|p, f,= { (ZJI +1§ve( tp)}pos (84)

where [, is the converter input current (P/17) and f can be obtained in terms of the
converter power from (D88). Similarly to the single phase converter, the core losses in each
inductor (if required) will be equal to:

1 /s

P, . =—kB’f°
core eff core 85
2 f eff ( )
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where f is the effective frequency, based on a period equal to twice the length of a current

pulse, and the flux density is:

Ho nl peak
)

g

B= (86)

The peak current and effective frequency can be estimated based on the switching frequency,

using similar assumptions as were used for the conduction losses.

Therefore evaluating the expected losses for a wind turbine in an area with an average wind
speed of 8 m/s and designing air core inductors using the process described in Appendix
B.3, then the resulting inductor parameters are shown in Table 13. Using a higher current

density will reduce the cost of the copper, but result in higher current losses.

Table 13: 3-phase converter inductor design for a 1.72/33 kV, 3 MW DC-DC convertet.

Design A and C Design B
Inductance (L) 8.9 mH 12.6 mH
Core length (/) 1.56 m 1.6 m
Cote diameter () 1.1m 1.13 m
Conductor size (WeiX/y) 198x2603 mm? 188x2658 mm?
Conductor weight (M.,) 4857 kg 5178 kg
Ave. current density 0.9 A/mm?2 1 A/mm?
Number of turns (7) 212 250
Expected efficiency 99.5% 99.5%

The inductor efficiency over the whole converter operation for all six inductors is plotted in
Figure 34. Note that the non-linearities are due to an inaccurate model at the border of the

continuous and discontinuous operating regions.
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Figure 34: 3-phase converter combined efficiency for the 6 resonant inductors.
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As can be seen in Figure 34, the efficiency drops for high converter powers, except near the
maximum power, where the peak current decreases. If required, the weight of the inductors
in both designs can be reduced, but will result in even lower efficiencies due to an increased

average conductor current density.

4.3 HV DC-DC Converter

This section will use similar design procedures as were used in Section 4.1 to design HV
converters for connecting a 33 kV DC bus to a 500 kV HVDC line. The power rating of the
converters will be designed for 300 MW.

4.3.1 Single Phase HV Resonant Converter

A 300 MW single phase resonant converter will require components with a high average
current and therefore may require parallel thyristors. Three designs will be compared, Design
A will use ABB 45Q2800 thyristors, Design B will use ABB 34QQ5200 thyristors, and Design
C will use ABB 42U6500 thyristors.

Following the single phase converter design procedure in Section 4.1.2, the resulting
converter designs are shown in Table 14. Note that the peak current and maximum rate of
change of current is for the individual thyristors, not the inductor. The peak inductor current

is estimated as twice the peak current of the thyristors when there are two parallel switches.

Table 14: HV Converter design components for a 33/500 kV, 300 MW wind farm DC-DC converter.

Design A Design B Design C
Switch Model ~ ABB 45Q2800 ABB 3405200 ABB 42U6500
Turn-off time 400 ps 700 ps 1600 ps
Parallel rows of thyristors 1 2 2
Series connected thyristors per valve 358 193 154
Total Thyristors 1432 1544 1232
Resonant Capacitor (C) 6.5 pIF 11.3 pF 26.5 uF
Resonant Inductor (L) 8.3 mH 14.3 mH 354 mH
Resonant Frequency 685 Hz 395 Hz 164 Hz
Maximum Switch Frequency 653 Hz 375 Hz 160 Hz
Peak Current 14.9 kA 7.5 kA 7.3 kA
Max. Rate of Change of Current (s) 64.2 A/ps 18.6 A/ps 73.1 A/ps
Input Capacitor 4.2 mF 7.3 mF 17.1 mF
Output Capacitor 17.9 pF 31.2 pF 39.3 uF
LV Rated (I7) 33kV 33kV 33 kV
HV Rated (1) 500 kV 500 kV 500 kV

The converter losses are shown in Figure 35.
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Figure 35: HV converter losses for a 500 kV HVDC line.

Similar to the single phase converter example, the losses can be reduced if the required
converter gain is lower. For example, if the HVDC line will be 350 kV instead of 500 kV,

then the thyristor losses will be as shown in Figure 36.
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Figure 36: HV converter losses for a 350 kV HVDC line.

4.3.1.1 HYV Single Phase Inductor Design

Using the same design approach as in Section 4.1.3, the resulting inductor properties for an
air-core toroidal inductor are shown in Table 15. Note that the current density was fixed at 4
A/mm? higher efficiencies can be obtained for lower current densities but will increase the

weight of the conductor.
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Table 15: HV single phase air core inductor design for a 33/500 kV, 300 MW DC-DC converter.

Design A Design B Design C
Inductance (L) 8.3 mH 14.3 mH 354 mH
Core Length (/) 257 m 2.86 m 3.4 m
Core Diameter () 1.82 m 2.02 m 24 m
Conductor size (WeiX/y) 145x2043 mm? 137x1920 mm? 137x1920 mm?
Conductor Weight (M.,) 4 A/mm? 4 A/mm? 4 A/mm?
Ave. current density 21579 kg 29908 kg 51521 kg
Number of Turns (1) 160 199 285
Expected efficiency 99.7 99.6 99.3

4.3.2 3-Phase HV Resonant Convetrter

Similar analysis for the 3-phase resonant converter as in Section 4.2 using a 300 MW
converter with a maximum discontinuous mode input current of 3 kA, results in converter
designs shown in Table 16. Note that parallel connected thyristors are not required since the

average current will be lower (around 3 kA at full load), but can be used to decrease losses.

Table 16: 3-phase HV converter designs for a 33/500 kV, 300 MW wind farm DC-DC converter.

Design A Design B Design C
Switch Model ABB ABB ABB 3405200
4502800 4206500
Turn-off time 400 us 800 ps 700 ps
Resonant Inductor 40 mH (x0) 80 mH (x0) 70 mH (x6)
Resonant Capacitor 7.5 uF (x3) 15 uF (x3) 13 uF (x3)
Peak Input Current (disc. mode) 1750 A 1750 A 1750 A
Max. Switch Frequency 417 Hz 208 Hz 238 Hz
HYV Capacitor 4.9 uF 9.8 uF 8.6 uIF
Parallel rows of thyristors 1 1 2
Series connected thyristors per valve 358 154 193
Total thyristors 2148 924 2316
The thyristor losses for the different converter designs are shown in Figure 37.
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Figure 37: HV 3-phase converter losses for a 500 kV HVDC line.
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From comparing Figure 35 and Figure 37, better losses can be obtained using the 3-phase
converter, but this will require higher passive component ratings and a higher number of

passive components. The efficiency of the six inductors is also lower, as shown in Figure 38.
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Figure 38: HV 3-phase converter efficiency of the six inductors.

4.4 Cable Design

Standards documenting the cable design, current rating, and losses include IEEE 835-1994
and IEC 60287. Cable losses depend on the conduction losses and dielectric losses.
Conduction losses will depend on the cross sectional area of the conductor, the current, and
the proximity and skin effects. Dielectric losses occur when the line is energized, and depend
on the type of insulation and are related to the square of the voltage. Although dielectric
losses are important for HV cables, they can be ignored for most MV levels (less than 63.5
kV for filled XLPE cables [15]). Assuming that the yearly cost of the cable is a direct
function of the conductor size, the optimal cable cross sectional area can be chosen using
Kapp’s rule, which states that the optimum conductor size is one where the yearly costs of

losses is equal to the yearly costs of the cable [15].

Designing the optimum conductor size will require detailed information on the installation
and cable costs, and therefore this section only outlines the design trade-offs between AC
and DC cables, comparing cable designs for 33 kV AC and DC grids which have equal
losses. Example datasheet information for buried 33 kV XLPE aluminum and copper cable

is in Table 17.
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Table 17: General Cable 33 kV XLPE armoured aluminum and copper cable information [71,72].

33 kV 3-Conductor Cable 22 kV 1-Conductor Cable
Conductor Material Copper Aluminum Copper Aluminum
Cond. area (mm?) 70 120 70 120 150 240 150 240
No. of strands 19 19 19 19 19 37 19 36

Overall diameter (mm) | 71.7 78.9 71.7 78.9 35.3 39.6 353 39.6

Mass (kg/km) | 5000 | 6950 | 3900 | 4700 | 2900 | 3920 | 1970 | 2370

Rated Cutrent (A) | 240 320 187 249 367 455 298 375

(30°C, butied in ducts)

DC Resistance (Q/km) | 0.268 | 0.153 | 0.443 | 0.253 | 0.124 | 0.075 | 0.206 | 0.125

Eg. Star Reactance (Q/km) | 0.135 | 0.122 | 0.135 | 0.122 | 0.120 | 0.111 | 0.120 | 0.111
Star Capacitance (uF/km) | 0.16 0.19 0.16 0.19 0.25 0.30 0.25 0.3
Fault Rating (kA) 10 17.2 6.6 11.3 21.5 343 14.2 22.7

Note that the ratings will vary depending on the temperature, and thermal resistivity of the soil.

The rated current may be higher for cable not buried in ducts, since ducts generally have
poorer heat transfer, and require larger cross sectional areas to meet the cable thermal

requirements.

Considering a star-connected wind farm of 100x3 MW wind turbines with individual MV
transformers, then each AC MV cable must be rated for a full load current of 52.4 A (for a
summary of wind farm topologies see Figure 9). As can be seen from Table 17, copper
cables will have lower resistivity but higher weight (although aluminum cables would require
more insulation due to the larger surface area). For 70 mm? aluminum and copper cables, the
charging cutrent (given by 2zfC1/,) will be 6-7 A (assuming an average cable length from the
wind turbine to the HV converter of 3 km), and therefore the total current will be well
within the cable current margin (smaller cables could be used but would result in higher

conduction losses).

If the DC cables will be designed to achieve equal losses to AC cables, then:

Ploss = 3IgRAC = 21[2)CRDC (87)
and:
2R
Voc =V1 R—DC (88)
AC

If the DC voltage is equal to the AC rms voltage, then R - should be equal to 2R, to
achieve equal losses (ignoring charging current and dielectric losses). Based on IEC 60287,
the AC and DC resistance will be similar and therefore assuming the AC design uses 70 mm®
copper cables and 120 mm® aluminum cables, then the DC design would require 150 mm®

copper cables and 240 mm® aluminum cables. Full load losses are around 0.2% (considering
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an average cable length of 3 km). A comparison in terms of the overall weight and minimum
duct area for the AC and DC designs (considering one 3-core 33 kV AC cable and two 1-
core 22 kV DC cables) is shown in Table 18.

Table 18: AC and DC cable comparison (based on data from Table 17).

33 kV AC Cables 22 kV DC Cables
Conductor material 70 mm? 120 mm? 150 mm? 240 mm?
copper aluminum copper aluminum
Total weight (kg/km) 5000 4700 5800 4740
Min. duct area (mm?) 4038 4890 3915 4927

As can be seen from Table 18, despite having a lower number of conductors, the DC cables
should have a larger conductor to achieve similar cable losses, resulting in a higher total DC
cable weight. It should be noted that the DC cables are rated for a higher voltage than

requited (the maximum voltage would be +/- 16.5 kV). The minimum duct area is similar

for both the AC and DC cables.
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CHAPTER 5: SYSTEM INTEGRATION

This section outlines integration issues and benefits of DC and AC wind farm topologies
when connecting to an HVDC line. The efficiency analysis in Chapters 3 and 4 shows that
out of the designs evaluated, the NPC VSC design and the single phase resonant converter
designs may have the most potential (a summary will be given in Chapter 6). Therefore, the
systems studied in this section connect a 300 MW wind farm using a DC grid with single
phase resonant DC-DC converters and using an AC grid with 3-level NPC voltage source
converters. A description is given of the PSCAD models for the two systems, converter

controller designs, and the various system conditions that will be studied.

The results are evaluated based on the ability to effectively deliver power from the wind farm
to an HVDC line under normal conditions, and to isolate and prevent fault propagation
during grid faults. This section does not consider all aspects of the control and protection of

the wind farms, but highlights issues that will need further study for the AC and DC systems.

5.1 System Models
Each area is connected using either an AC transformer and VSC converter or a DC-DC
converter. The wind turbines considered will use variable speed permanent magnet

synchronous generators. The AC and DC systems studied are shown in Figure 39.
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Figure 39: Single line diagram of AC and DC systems.
The performance with both LCC HVDC lines and VSC HVDC lines will be compared.

Since much research has already been performed on the control and operation of permanent
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magnet wind turbines and on both types of HVDC lines, then analysis will focus on the
operation of the MV grid, using simplified models for the wind farm and HVDC line. The
simplified models of the MV AC and DC buses are in Figure 40.
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Figure 40: MV grid wind turbine converter models.
The models of the DC-DC converter and VSC inverter have been detailed in Sections 3.1.2

and 4.1. The controller design for the converters is detailed in Section 5.2.

Modelling the HV connection to the HVDC line will require an aggregate model of the 300
MW wind farm. To test the operation of the HVDC converters for the wind farm, as well as
to test interactions between the HV converter and the MV converters, two of the 100
turbines will be modelled using the MV grid models in Figure 40 and the other turbines will
use an aggregated model. The DC grid will use a controllable current source, with a similar
controller to that shown in Figure 44. The AC grid will use a Norton equivalent model with
a controllable current source and impedance representing the transformer. As outlined in
[73], the current source model may result in problems simulating faults close to the converter
terminal since the active and reactive currents may not be distinguishable. Since the
aggregated wind farm model will only be used to investigate faults on the MV bus, then this

model will be appropriate for these tests. The resulting HV models are shown in Figure 41.
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Figure 41: HVDC integration models.
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A simplified model of the HVDC line using a controlled voltage source will be used during

the simulations.

5.2 Controller Design
The converter controllers will be designed to operate over the whole range of the wind

turbines, ramp up the voltage during startup, and isolate and protect against faults.
5.2.1 DC Controller Design

The wind turbine will be modelled assuming a VSC based generator side rectifier (as in
Figure 7a), a constant DC voltage, and used to control the power from the synchronous
generator to obtain maximum power point tracking. Simplifying the permanent magnet
synchronous generator VSC control in [4], where the DC current is controlled based on the
wind speed, the simulation will model a wind turbine using a controlled DC current source as

shown in Figure 44.

During a MV DC bus fault, the MV capacitor and the resonant capacitor will discharge
through the diode bridge. If the thyristors continue to be switched after the MV capacitor
voltage has dropped below the voltage of the LV side, then the thyristors will not turn off
and control will be lost. This will lead to resonance between the LV DC capacitor and the
resonant inductor, causing the voltage to resonant between +V., depending on the

damping. The resonant circuit is shown in Figure 42.

L,

Inc(t) Coc—/—<
Rthy

Figure 42: Resonant circuit after a MV fault and loss of control.
The fault will also propagate to the LV AC grid and will require tripping the wind turbine. In
order to prevent this disturbance, the voltage level across the MV capacitor should be
measured to allow the fault to be detected and to stop the switching of the converter
thyristors before the voltage has dropped below that of the LV side. Rather than increasing
the size of the MV inductor, which will lead to higher switching losses in the diodes, a

second inductor will be placed on the MV DC terminal as shown in Figure 43.
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Figure 43: Fault current limiting inductor on the MV terminal.
To avoid turning off the converter due to a voltage dip, then an undervoltage relay will be set

for 75% of 17

nom"*

The inductor will be sized so that the time for the voltage to drop to
50%V ., for a fault when operating at full load is equal to 1.5x the period of the resonant
converter. Since the current from the converter will be pulsed, then the inductor will be sized

considering I, from the converter as zero. Therefore the MV capacitor voltage will be:

Vir (t ) =Vuro COS(wMVt ) ~LyvoZyy Sin(wMVt ) (89)
where w,,;-and Z,;, are the resonant frequency and impedance of the MV capacitor (C,) and

inductor (L,).

The additional inductor will create a low pass LCL filter, but could also lead to resonance
with the other capacitances and inductances on the MV grid. This oscillation may be difficult
to damp using the converter controllers and will therefore be damped using a parallel

resistor, similar to that proposed in [74].

Once the converter has stopped switching, the voltage across the LV capacitor will start to
rise, depending on the output of the wind turbine. This problem has been dealt with for full
converter based wind turbines in ac grids and methods of minimizing the DC overvoltage
include adjusting the pitch angle of the wind turbine, absorbing energy in the inertia of the
machine, adjusting the control strategy to maximize active power injection into the grid,
increasing the size of the DC capacitor, using a breaking resistor to absorb excess energy
from the wind turbine, or a combination of the different methods. In [73] it is shown that
this method can simplify analysis of a full converter wind turbine, allowing the reactive
power responses of the generator and grid side converters to be decoupled and grid fault
analysis to be performed without a detailed generator model. Since these methods have been
studied in detail and are not the focus of this thesis, then a full power breaking resistor will
be considered. For simplification, an ideal breaking resistor is used, but in practice the

dissipated energy will need to be limited depending on the rating of the resistor. Typically the
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voltage is limited to 125% of the rated voltage [73]. The wind turbine control is shown in

Figure 44.
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Figure 44: Simplified wind turbine and VSC rectifier model.
P(U) is the power from the wind turbine as a function of the wind speed, given by (B6), and
Pyr is the power absorbed by the breaking resistor. Time delays were added to represent
measurement delays and delays in the generator side VSC converter. The maximum voltage
was set to be 120% of the rated voltage. If a better response is required, then a faster

controller can be used for the breaking resistor.

As developed in Section 4.1, the power through the DC-DC converter is controlled by

varying the switching frequency. The controller for the DC-DC converter is in Figure 45.
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Figure 45: DC-DC converter controller.

G, is based on (39) and f is the switching frequency. The derivative control is added to
reduce the peak current when ramping up the voltage on the DC bus. The converter for the
HV DC-DC converter will have a similar controller, with an added control to disable

switching when the voltage on the MV bus is ramping up.

Faults on the HVDC line are a more difficult problem for the HV DC-DC converter. Similar
to the MV converter, the converter must stop operation before the voltage on the HVDC
line has fallen or it will lead to a loss of control and the fault will propagate onto the MV bus.
This will also lead to resonance between the MV DC capacitor and the HV resonant
inductor, similar to that shown in Figure 42. Stopping the LV converters and absorbing the

wind turbine energy in the LV breaking resistors (as for a MV fault) will reduce the
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overvoltage; however, the current in the inductors of the MV grid will continue to draw
current from the MV capacitors of the wind turbine DC-DC converters, causing the voltage
to drop and possibly leading to instability (depending on the power level of the wind farm
before the fault). Despite the high power requirements of using a breaking resistor on the
MV grid to absorb the energy of the wind farm during a fault, this solution may be the most
practical as custom commercial resistors are available in the MJ] range [75] and this will
minimize the disturbance of the wind farm grid and the time to reconnect the wind farm.
The controller will be similar to that described for the MV converter, but the limits will be

scaled for the MV bus voltage.

For transient faults on an LCC HVDC line, generally the charge on the line is dissipated by
operating the end converters as inverters, and then repowering the line after around 200 ms
[27]. During this time, the MV breaking resistor would have to absorb the excess wind

energy, which at full load will be around 60 MJ.

For the aggregated wind turbine model, a similar control will be used as shown in Figure 43,
but a simplified model will be used that approximates the converter using a controllable

current source and the HV side inductors and capacitors, shown in Figure 46.
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Figure 46: Simplified wind turbine circuit model.
After a fault on the HV side, the resonant capacitor and HV side capacitor will discharge into
the fault and current will flow through the HV diodes until the fault is cleared. This effect is
modelled by placing a diode in parallel with the HV side capacitor (see Figure 46). For an
aggregated model, multiple converters will be connected in parallel, which together can be
modeled using a Norton equivalent circuit, representing the combined current from the

converters as a controllable current source with a Norton equivalent impedance, given by:
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1 1 1 1 1 1 1
Z. =|| ——sL, || —— 5L, |||l | == +5L, || —+sL, |=—]| | ——+5L, ||| —+sL
eq ([SC, 2J||SC2 /z] [[sCr 2J||SC2 _/ZJ nr((scr 2J||SC2 ﬂJ (90)

where 7; is the number of aggregated wind turbines. The Norton current is given by:

1 1
I _ ([ E E _ (Iconv,l +o.+ [conv,n)
- S'LLCC+5M LG, + LG, + LG )41

eq c

ol +.+1

conv,n

sL2+L+LHsL sL -i-L o
' sG, 7 / sC,

Since the capacitors and inductors will normally be small, then the poles in (91) will be very

high frequency and can be ignored so that:

1=, +.+1,,) 92)
After a fault on the MV bus that causes the voltage to drop and the capacitors to discharge,
then the HV side diodes (D,-D,) will conduct until the energy in the converter inductors has

discharged. The equivalent impedance will therefore be given by:

1 1 1 1
z, Z[SLZ ”FHL”J (SLZ ||F+SL/1J:;[ L, HFHL”J 93)

2 2 2

By combining (90) and (93), the aggregated circuit model is shown in Figure 47.

Iagg

Lﬂagg

1
leg — TesTy = T L2agg he

—
Cragg T Coagg

Figure 47: Aggregated wind turbine circuit model.
As can be seen from (91), the Norton equivalent is the sum of the individual wind turbines
and high frequency changes will be filtered, however, oscillation could be induced at the
resonant frequency of the filter components. A resistance in parallel with the inductor can be

used to damp any resonant current oscillations.
5.2.2 AC Controller Design

The wind turbine control will have similar issues as with the DC grid design and will
therefore be controlled using the controller in Figure 44. The LV VSC rectifier will be
controlled to obtain unity power factor and to regulate the LV DC bus voltage. The

converter will be controlled as a current source using a decoupled pg controller, shown in
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Figure 48. This type of controller has high power quality and is able to maintain low fault
current [706,77].

Vb meas Vd meas
- +
Vberat—{+ PI + PI + d
a
ld,meas O cony
| Pulse
a.meas OZconv N q b Generator
I, ref + PI
C
Varia PLL S

Figure 48: LV AC grid side converter controller.

The HV controller will be controlled to maintain the frequency of the wind farm grid and to
support the voltage. This will require controlling the converter as a voltage source, directly
controlling the magnitude and phase of the converter output depending on the magnitude of

the AC voltage and the frequency of the grid [76]. The controller is shown in Figure 49.
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Figure 49: HV AC inverter controller.
The phase will determine the active power supplied to the grid and is controlled based on the
magnitude of the DC voltage. The reactive power will be controlled by the magnitude of the
grid voltage and will be used to support the MV grid. As shown in [78], this control can have

a better response over decoupled dg axis control.

The controller for the AC grid aggregated wind farm converter uses the model derived in
[73] and models the VSC converter using time delays. The aggregated wind farm controller is

shown in Figure 50.
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Figure 50: AC aggregated wind farm grid side converter model.

5.3 Integration Requirements
The effective operation of the systems will be evaluated based on the ability to deliver power
from the wind farm during normal conditions, and to prevent fault propagation from a wind

turbine to the wind farm, and from the wind farm to the HVDC line.

To test the operation during normal conditions, the MV systems (shown in Figure 40) will be
tested by adjusting the power from the wind turbine with a ramp signal from zero to rated
power and from rated power to zero. Effective operation will be determined by the ability of
the system to maintain the DC and AC voltages within £20% rated. Similar tests will be

performed on the HVDC integration models (shown in Figure 41).

To test the operation during fault conditions, the following faults will be placed on the MV

systems:

1. LV DC bus fanit—a fault on the LV bus should not affect the voltage on the MV
system and the converter currents and voltages should not exceed rated values.

2. MV bus fanlt—the fault should not cause current through the converter above the
rated current and the wind turbine power should be ramped down to prevent an
overvoltage on the LV DC bus. For the AC system, the fault will be tested on both
the LV and MV sides of the transformer and both single phase and three phase faults

will be tested.

To test the operation of the HVDC integration models during fault conditions, the models in

Figure 41 will be subjected to the following tests:

1. MV bus fanlt—a tault on the MV bus should meet the same conditions as for the

previous tests on the MV systems, and in addition should not propagate to the
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HVDC line. For the AC system, the fault will be tested on both the MV and HV
sides of the HV transformer and both single phase and three phase faults will be
tested.

2. HVDC line fanlt—a fault on the HVDC line should not lead to overcurrent or

overvoltage operation on the MV and LV buses.

5.4 Simulation Testing

PSCAD simulations were performed for the various tests describe in Section 5.3.
5.4.1 Operation for Normal Conditions

To test the operation of the MV DC-DC converter for normal operations, the wind power
was varied from no-load to full load over 20 s. The input and output power of the converter
is shown in Figure 51, where it can be seen that for a ramping signal from the start-up of the
wind turbine to full power and from full power to no power, the converter is able to track

the power and maintain the LV capacitor voltage within 20% of the rated voltage.
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Figure 51: Converter power and LV capacitor voltage for ramping wind power input.
Figure 52 shows response of a DC grid based wind farm (shown in Figure 41) for increasing
and decreasing wind power. The power into the grid is increased from 3% to full load and
then decreased to 3%. The simulation was performed with the MV bus already energized,
although the same converter control settings were used in energizing the bus. The MV bus
voltage during the test is within 15% of the rated voltage. Converter losses were not
considered in the model, but line losses used in the model were estimated at 1% for the

simulation and can be seen when operating at full load.
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Figure 52: DC wind farm input/output power and MV bus voltage for ramping power input.
A similar ramp test was performed for the AC system in Figure 40 and the results are shown

in Figure 53.
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Figure 53: AC wind turbine converter input/output power and bus voltage for ramping powet input.
A similar test was performed on the complete AC grid shown in Figure 41, using individual
models for two turbines and an aggregated model for the others. The results show accurate

power tracking by the HV converter over the whole operation.
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Figure 54: AC wind farm input/output power and MV bus voltage for ramping power input.
5.4.2 DC System Fault Analysis

The DC grid wind turbine converter model (shown in Figure 40) was tested for faults on the
LV and MV terminals. Figure 55(a) shows the LV capacitor voltage for a MV fault and
Figure 55(b) shows the MV capacitor voltage for a LV fault.
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Figure 55: DC wind turbine converter voltages during LV and MV DC bus faults.
As can be seen in Figure 55(a), after a fault is applied (at time #,), the converter stops
switching, causing the voltage to increase. The operation of the breaking resistor keeps the
voltage within limits until the fault is cleared. After the converter starts operating again, there
is an initial drop in the voltage, but it is within limits and causes no oscillation in the LV
capacitors or inductors. From Figure 55(b) it is clear that a fault on the LV side of the

converter has very little impact on the voltage of the MV capacitor. It should be noted that a
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fault on the LV DC bus will cause the VSC converter to lose control, however, since the
wind turbine operation is not studied in detail with this model then the impacts of this are
not shown.

Results for testing the system for a fault applied to the HVDC line are shown in Figure 56.
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(a) LV bus voltage. (b) MV bus voltage.

Figure 56: DC wind turbine LV and MV bus voltages during an HVDC line fault.

Starting from steady state operation at full load, a HV fault is applied at 1 s, after which it can
be seen from Figure 56(b), the voltage of the MV bus increases rapidly when the converter
operation is stopped until it is cut off by the operation of the breaking resistor. The fault is
cleared after 500 ms, after which the converter starts operating again and the voltage
decreases. The LV bus voltage shown in Figure 56(a) shows that the voltage increases after
the fault is cleared and is cut off by the LV breaking resistor. This is due to the drop in MV
bus voltage after the fault is cleared, requiring the converter to increase the frequency of

operation to transfer the same amount of power.
5.4.3 AC System Fault Analysis

During AC faults, a VSC converter using decoupled dg current control can maintain control
to minimize the fault current; however, a sudden decrease in grid voltage could result in
overcurrent as the controller attempts to maintain the same level of power as before the fault
[79]. IGBTSs have smaller overcurrent ratings than thyristors (ABB IGBT' are generally rated
for a peak transient current of 2x the DC current) and therefore this could cause problems
during close-in faults. High current can also lead to saturation of the filter inductors, which

can lead to current distortion and instability [2]. In addition, the lower power flow from the
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converter could also result in high voltages on the DC bus, possibly requiring a method of

absorbing or decreasing the excess wind energy.

For the AC system showed in Figure 40, a 3-phase fault was applied on the MV side of the

transformer and the resulting DC bus voltage and current is shown in Figure 57.
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Figure 57: 3-Phase fault on the MV line during full power operation.
The fault occurs at /=2.1 and results in an increase in the DC bus voltage which activates the
breaking resistor control to limit the overvoltage to less than 20%. The continued operation
of the converter during the fault results in high current spikes. These high current peaks can
be eliminated by detecting the fault and disabling converter operation and absorbing excess

wind energy until the fault has been cleared and converter reconnected.

Faults on the DC bus of the VSC converter will forward bias the freewheeling diodes of the
converter, causing it to lose control and resulting in a voltage dip on the AC side. This will
require tripping the wind turbine, but the effect on the MV bus will be small due to
impedance of the filter and transformer. The effect of a fault on the HVDC line will similarly
forward bias the freewheeling diodes of the VSC HVDC converter, causing a major
disturbance of the wind farm and at high powers could quickly lead to instability. The fault
will need to be detected quickly and the converter operation disabled. Faults on the MV grid
could affect the HVDC line and cause high currents in the VSC since it is operated as a
voltage source. To prevent damage to the converter during MV grid faults will require

quickly detecting the fault and stopping converter operation.
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CHAPTER 6: DESIGN COMPARISON

This section summarizes the advantages and disadvantages of the AC and DC systems, based

on the efficiency and component requirements (from Chapters 3 and 4) and the performance

during normal conditions and grid faults (from Chapter 5).

6.1

Efficiency and Component Requirements

The advantages and disadvantages of the different technologies based on their efficiency and

component requirements are listed in Table 19. The overall efficiency of the AC grid

includes the VSC converters and the MV and HV transformers. The overall efficiency of the

DC grid includes the MV and HV DC-DC converter and inductors.

Table 19: Comparison of design aspects of the AC and DC grid topologies.

AC System

DC Systems

2-Level Converter

based

3-Level NPC
Converter based

Single Phase Resonant
Converter

3-Phase Resonant
Converter

copper cable or 120 mm? aluminum
cable (avg. cable length of 3 km).

Efficiency] = LV converter = LV converter = MV converter losses | ® MV converter losses
losses are 1.5% for|  losses are 1% for are around 4% for are around 5% for
the 1000 Vac the 1000 Vac the 1000 Vac turbine |  the 1000 Vac turbine
turbine and 5.5% turbine and 2% and 1.5% for the and 2-4% for the
for the 4000 Vac for the 4000 Vac 4000 V¢ turbine. 4000 V¢ turbine.
turbine. turbine. * HV converter losses | ® HV converter losses

» [V converter = HV converter are around 2.5%. are less than 2%.
losses are around losses are around | Inductor efficiency is| ® Inductor efficiency is
50, 1.5%. around 97-99% for around 96% at full
= Transformer the 1000 Vac turbine |  power. The efficiency
- Tran.sform.er efficiency is and 98-99% for the of HV converter
efficiency is greater)  greater than 99%.| 4000 Ve turbine. inductors is around
than 99%. 98%,.
= Grid efficiency: ® Grid efficiency: = Grid efficiency: = Grid efficiency:
92-93% 95-96.5% 91-95% 89-94%
Component = The MV = Component sizes | ® The resonant = Similar to the single
Size/Weighty  transformer mass will be similar to inductor and phase design, the
is 4-5000 kg. the 2-level capacitors will be resonant inductors
= The component converter. large and built for and capacitors are
sizes will be ) o high power and high large. Disadvantages
il * Switch utilization voltage are that there are 3
smaller than the is around 14%. g i .
DC converters ®* The weight of the resonant capacitors
since they are not MYV inductors varies and 6 LV inductors.
rated for both high from 400-2000 kg ® There are 1.5x the
current and high depending on the number of switches
voltage. turbine and losses. compared to the
» Switch utilization » Switch utilization is |  single phase design;
is around 24%. around 0.1-0.4%. switch utilization is
around 0.15-0.68%.
Cable Design = Losses ate ~0.2% for a 70 mm? 3-cond. | ® Losses ate ~0.2% for a 150 mm? copper cable

or 240 mm? aluminum cable (avg. cable length

of 3 km)
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Opverall, the most efficient method analyzed is to connect the wind farm using 3-level NPC
VSC converters and to transform the voltage using 60 Hz AC transformers. The DC grid
topology has very high losses when considered for a design using wind turbines with a 1000
V,c output voltage. There is more potential though when wind turbines with 4000 V.
output voltages are considered. The 3-phase resonant converter design offers lower
switching losses, but the additional components and thyristor losses reduce the benefits of

this topology.

6.2 Performance Analysis
The performance of both the AC and DC systems for tracking changing wind power was
similar. Both the individual wind turbine converters, and the HV converters, showed the

ability to maintain stability during fast changing wind power.

The results of the simulation tests for the AC and DC systems, developed in Sections 5.4.2

and 5.4.3, are summarized in Table 20.

Table 20: Fault responses of the AC and DC systems.

AC System DC System

LV DC Bus Fault |= A fault on the LV DC bus had a = A fault on the LV DC had no effect on
minimal effect on the MV bus due to| the MV bus

the impedance of the filter and
transformer.

MYV Bus Fault = A close-in fault on the MV AC bus  |® A fault on the MV DC bus required

could result in high current peaks temporarily stopping operation the MV
that could damage the IGBT DC-DC converter and absorbing the
switches and may require stopping power from the wind turbine.

converter operation.
p ® There was no effect on the HVDC

® The operation of the HV converter is| bus.
as a voltage source and a fault on the
MYV AC bus could lead to high
cutrents in the VSC, which may need
to be tripped.

HVDC Bus Fault |®= This will forward bias the converter |® This will requite the HV DC-DC
diodes, causing the converter to lose | converter to temporarily stop operation
control. The low voltage on the DC | and the excess power must be

side could result in high current and | absorbed.

instability of the wind farm grid due
to loss of control.

It should be noted that the control of both systems was done by PI controllers that needed

to be fine tuned to have good performance and maintain stability. In addition, the AC system
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required the wind turbines to also produce reactive power to help maintain the wind farm

grid voltage when the wind farm is operating close to full power.

Overall, the system responses during faults varied between the AC and DC systems, with
both systems having different issues. Solutions were developed in Chapter 5 in order to
minimize the disturbance during a fault and to allow fast reconnection after faults, but this is

an area requiring further study.

6.3 Result Validation

Models of the single and 3-phase DC-DC converters were built in both Matlab Simulink and
PSCAD to verify the overall operation of each type of converter. The detailed derivations of
both the single phase and 3-phase DC-DC converters in Appendices C and D accurately
correspond to the simulation results. Figure 58 shows the PSCAD simulation results and the

converter power at various frequencies predicted by the derived models.
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(a) Single phase resonant converter (b) 3-phase resonant converter

Figure 58: 3-Phase fault on the MV line during full power operation.

Simulink and PSCAD models were also built for both the 2-level and 3-level converters.

Although the use of different simulation programs allows some verification of the predicted
results, more detailed testing will require construction of a prototype converter. This will

allow more accurate analysis of the component losses and the performance during faults.
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7.1

CHAPTER 7: CONCLUSION

Summary

This thesis outlined designs for AC and DC grid based wind farms connected to an HVDC

line. AC grids using 2 and 3-level voltage source converters were compared with DC grids

using single phase and 3-phase DC-DC resonant converters based on:

Efficiency and Component Requirements—the efficiency and losses for the various designs
were estimated using detailed calculations based on switch datasheets and models of
the transformers and inductors. Different types of switches were used to compare
the effects on the overall efficiency and component requirements. The benefits for

different grid voltages were also compared.

Performance—the performance of the AC and DC grids were compared during normal
operation and during faults. Wind farm models using the 3-level NPC converters and
single phase DC-DC resonant converters were built using PSCAD. The grid models
were tested to determine the performance for a ramping input from no-load to rated
power, and for faults on the LV DC bus, the MV bus, and the HVDC line.
Controller designs were developed for the different converters to minimize the effect

of faults and enable fast reconnection after transient faults.

7.2 Conclusions

The main conclusions related to the efficiency of the AC and DC grid based wind farms are:

1.

The most efficient method studied for connecting the wind farm is using 3-level
NPC VSC converters. The converter losses are around 1-1.5% and the transformer

losses are less than 1%.

The most efficient DC grid based method studied for connecting a wind farm uses a

single phase resonant converter and has converter losses of 1.5-4% and inductor

losses of 1-3%.

Amorphous core technology could offer lower losses and lower costs than silicon
steel cores; however, the weight will be increased, which could affect their use in
offshore applications. More study is required to analyse structural, mechanical, and

insulation issues.
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The DC-DC resonant converters have lower efficiencies when transforming high
power with a high voltage gain. Therefore the losses were much lower when they
were calculated for wind turbines operating at 4000 V, where the gain would be less

than ten.

The 3-phase resonant converter can achieve lower switching losses than the single
phase resonant converter, since it has reduced thyristor reverse recovery losses. The
advantages gained by this design are reduced due to the higher component

requirements and higher inductor losses.

The main conclusions related to the performance of the AC and DC grid based wind

farms are:

1.

Simulations of the NPC VSC HVDC and single phase resonant converter systems

showed close power tracking during normal operation of the wind farm.

The HV side of a single phase resonant converter is not affected by faults on the LV

side. This is an important advantage when connecting to a HVDC line.

Faults on the HVDC line will require stopping operation of the connecting single
phase resonant converter. The energy from the wind farm will then have to be

absorbed or decreased.

To allow fault ride through in the DC grid, breaking resistors, or a suitable method of
absorbing excess wind energy during a fault, are required for both the wind turbine
converters and the HV DC-DC converter. The sizing of these resistors could be an

issue.

The VSC converters have poor isolation for faults on the HVDC line, which could

lead to instability on the wind farm grid.

Faults on the MV bus of the AC grid could cause high currents through the HV VSC
and affect the HVDC line, since it is operated as a voltage source and is not

controlling the current directly.

Close in faults on the MV bus could cause high current in the LV converters. Even
though the current is directly controlled, the low voltage and small impedance on the

AC side will lead to high peak current during switching.
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7.3 Future Research

Possible areas of future research include:

1.

Further studies of other types of DC-DC converters should be performed using the
same application of connecting a wind farm to an HVDC line. Although other DC-
DC converter studies have been conducted, they are not directly comparable with the

results in this work since the application was different.

At this point, only simulation testing has been performed with the single-phase and
3-phase resonant converters. Although this thesis has analyzed the switching losses in

detail, a better approximation would be obtained using a hardware model.

A newer VSC technology that is promising is the multi-module based converter
(reviewed in Section 1.2). This type of converter may be better suited for this

application.

More research is required for both the AC and DC grids on improving the
protection. The analysis in Chapter 4 has only demonstrated some of the control and

protection issues. A detailed model of the PMSG of the wind turbine should be used.

Integration analysis is required using a more detailed HVDC model, such as the
CIGRE benchmark. This will allow more detailed design of fault ride through
capability for faults on the HVDC line.
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APPENDIX A. EFFICIENCY CALCULATIONS

The efficiency for different wind farm connection topologies will be compared by calculating
the losses of the various components. Since the AC and DC grids are both analyzed using
PMSG wind turbines, therefore generator losses will not be compared. Both passive and

active components are examined.

Switch losses will vary depending on the type of switch and will include both switching and
conduction losses. To precisely determine the switching losses will require building a
prototype or using a detailed simulation program. However, an estimate may be obtained by
using the current and voltage waveforms of ideal switches and loss information obtained

from the datasheet. The switches that are considered are thyristors, IGBTs, and diodes.
A1l  Thyristor Losses

An estimate of thyristor losses can be obtained by using datasheet information to calculate

the turn-on losses, reverse recovery losses during turn-off, and conduction losses.
A.1.1 Thyristor Conduction 1osses

The steady state losses during the on-state will depend on the voltage drop across the
thyristor when on (V;) and the current through the diode. The voltage drop across the
thyristor is a function of the thyristor current. A graph showing the voltage and current

during conduction from the ABB 58TP 38QQ4200 datasheet is shown in Figure A-1.
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Figure A-1: ABB 5STP 38Q4200 thyristor conduction characteristics.

This can be estimated as a linear function:



Iy =Vig +17Vr (A1)
where 17, and r; are constants obtained from the datasheet. A more precise value may be
given by the manufacturer. The datasheet for the ABB 5S8TP 3804200 thyristor specifies that

the voltage drop across the thyristor when on is:

Vp = A+ Bl +Cln(l, +1)+ D1, (A2)
where 4=341.7x10", B=90.0 x10°, C=76.26x10", D=2.31 x10”. The steady state losses
during the off-state will depend on the leakage current and the voltage across it. From the
datasheet for ABB 58TP 38N Q4200 thyristors, the peak leakage current during both forward
and reverse blocking is 400 mA. These losses will be estimated by considering the leakage

current to be linearly related to the off-state voltage across the thyristor.

The total thyristor conduction losses over one switching cycle are given by:

toy lorr 2
1% A3
Wcond = IIONVTdt+ '[ ]leak orF dt ( )
0 0 rated

A.1.2 Thyristor Turn-on Losses

Turn-on losses are caused by higher resistance across the switch after turning on. These
losses can be estimated using the current rise-time, the voltage fall-time, and the initial
voltage across the thyristor. The current rise-time will depend on the external circuit;
however, the voltage fall-time must be estimated from datasheet information. A typical turn-
on waveform (from the Polovidice TR 918F-1790-12 datasheet) and a simplified waveform

that will be used for estimating turn-on losses are in Figure A-2.
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Figure A-2: Turn-on voltage and current waveforms.
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The time 7, in Figure A-2(b) represents the time for the voltage to drop to the on-state
voltage drop. This time will vary depending on the gate current and rate of change of current
at turn-on. An example graph showing the turn-on-time of a Mitsubishi thyristor (taken from

the FT1500AU-240 datasheet) is shown in Figure A-3.
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Figure A-3: Mitsubishi Electric FT1500AU-240 turn-on time.
The turn-on losses may also be given as a function of the rate-of-change of current (such as
the Polovidice TR 918F-1790-12) or a function of the on-state current and rate-of change of
current (such as for ABB thyristors). ABB calculates these losses using the following formula

(from ABB’s Data Sheet User’s Guide, section 3):

t spread

Worn-on = I( () VTO) ()dt (A4)

0

where #

s 19 the plasma spreading time and 17, is on the on-state voltage drop. The actual

voltage and current characteristic at turn on is difficult to estimate and therefore the
estimated waveform in Figure A-2(b) will be used. Using Figure A-2(b) and ignoring losses

due to the on-state voltage drop, as in (A4), the energy loss at turn-on will therefore be:

V, V,
turn—on J‘V )dt - J.[VOFF - tOFF tJ(Sit)dt 06FF S t (AS)

v0
The time for the voltage to drop to 10% of its original value may be specified in the
datasheet based on the initial voltage, final voltage and current, and the gate current. Also,

the gate current pulse may be optimized to reduce losses by using a higher initial amplitude.

If the turn-on losses are given for varying Ji/dt (as in Polovidi¢e datasheets), the value of #,,

(the time for the voltage to decrease to the on-state voltage drop) can be estimated using
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(A5) and the off-state voltage (I7). With ABB 5STP 3804200 datasheets, the turn-on

energy losses are shown in Figure A-4.
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Figure A-4: ABB 5STP 38Q4200 datasheet power loss during turn-on.
The losses at a different di/dt at turn-on than those specified can be estimated by consideting
that the maximum turn-on losses will occur when the rise time for the current will be greater
than or equal to the time for the voltage to drop (7,). Therefore using (A5), a maximum
reverse blocking voltage of 4200 V, and the losses in Figure A-4(b), the value of 7, can be
estimated as being between 20 ps to 15 us as the rate of change of current varies between 1
A/us to 10 A/ps. If the fall-time of the voltage is less than the cutrent rise-time, then the

turn-on losses can be estimated as a linear function of 47/ dt, so from Figure A-4(b):

di
Won =0.15 — [+0.15

A.1.3 Thyristor Turn-off Losses

The reverse recovery losses during turn-off can be estimated based on the reverse recovery
charge (¢),) and the peak reverse recovery current (I,). Figure A-5 shows the reverse recovery
current and voltage from the ABB 5STP 38Q4200 datasheet and the current and voltage

waveform that will be used to estimate the losses.
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Figure A-5: ABB 5STP 38Q4200 current and voltage waveforms at turn-off and estimated waveform.
In Figure A-5(b), the reverse recovery charge is given by (), and the peak reverse recovery

current is given by I,. Using this approximation, the peak reverse recovery current is:

" é ' trl (A6)
dt
The reverse recovery charge will be:
er — ]rr (trl + trZ) (A7)

2
From the datasheet for ABB 58TP 38Q4200 thyristors, the reverse recovery charge and peak

reverse recovery current are shown in Figure A-6.
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Figure A-6: ABB 5STP 38Q4200 datasheet reverse recover charge and peak cutrent.
Therefore if di/dt is known, then @, and I, can be obtained from Figure A-6 and therefore

the time 7, will be given by:

;o 20, I, (A8)
"2 Irr é
dt
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Therefore the reverse recover losses per cycle will be given by:

Wy = Iv(t)i(t)dt =1”%VR (A9)

A2 IGBT Losses

IGBTSs are often hard switched at non-zero currents and voltages and therefore an
estimation of the switch losses should include conduction losses, turn-on losses, and turn-off
losses. In many circuits, IGBTSs include a parallel freewheeling diode to allow reverse current

flow that will result in reverse recovery losses when it is turned off.
A.2.1 IGBT Conduction 1osses

The steady state conduction losses during the on-state will depend on the voltage drop
across the IGBT when on (1)) and the current through the IGBT. When current is flowing
through the reverse diode then the losses will depend on the diode voltage drop and the
current. The on-state voltage drop from the collector to the emitter can be estimated as a DC

voltage source in series with a resistance, given by:

Vee onv =Vro + Regle (A10)
These parameters can be estimated from the datasheet information. For an ABB 5SNA

2400E170100 IGBT, the collector current is shown in Figure A-7.
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Figure A-7: ABB 5SNA 2400E170100 datasheet collector current vs. collector emitter voltage.
The dashed line in Figure A-7 represents the estimated collector current characteristic, and

17}, is the voltage when the current crosses zero and R, is the slope of the line. In a similar

way, the forward current through the freewheeling diode can be approximated based on the
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datasheet information. The current and voltage relationship of the ABB 5SNA 2400E170100

freewheeling diode are shown in Figure A-8.
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Figure A-8: ABB 5SNA 2400E170100 freewheeling diode characteristics.
The voltage drop in the freewheeling diode during conduction can be approximated as:
Ve =Vio + Rpplr (A11)
The off-state power is determined by the voltage across the IGBT and the leakage current.
For the ABB 5SNA 2400E170100, it is given as the collector cut-off current which is
between 12-120 mA (for temperatures from 25-125°C). The conduction losses of an IGBT

over one switching cycle will be given by:

LiGeT_oN IpropE_on torr
Weona = J.] 168T_onVerdt + jl FVpdt+ J.] cutoffVorrdt (A12)
0 0 0

A.2.2 IGBT Switching Losses

IGBT switching losses can be approximated with the following formula:

1

va = 3 Vc]c (tsw_ON + tsw_OFF) (A13)

where 17, and I, are the collector voltage and current, 7,  is time for the current rise and the
voltage to fall when it is switched on, and 7, ;. is the time for the voltage to rise and the

current to fall when it is switched off.

Switching losses can be estimated by linearizing the switching losses given in the IGBT
datasheet. For the ABB 5SNA 2400E170100, the switching losses during turn-on and turn-

off are given for a set collector voltage, gate resistance, and junction temperature (Figure

A-9).
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Figure A-9: ABB 5SNA 2400E170100 switching losses.
The dotted lines represent linear approximations of the switching losses, linearized at a

collector current of 2000 A (the switches are rated for I. = 2400 A). The linearized

approximation of the losses during turn-on and turn-off can be given by:

Won = Ao +Bowlc (A14)

Worr = Aopr + Borrl ¢ (A15)

where A,y and A are the zero crossings of the linearized turn-on and turn-off losses and
Bon and B are the slopes. A more accurate estimate of the combined switching losses for

various conductor currents may be given in datasheet in the form:

SwW

14
W = ;FF (Alg+BIC+C) (A16)

where 17, is the datasheet voltage corresponding to the parameters in (A16). Similar

multipliers can be used to estimate the losses for different gate resistances and junction

temperatures (outlined in [80]).
A.2.3 IGBT Diode Reverse Recovery Losses

Reverse recovery losses in the freewheeling diode can be calculated similar to those for the
thyristor. The losses may also be given on the datasheet as a function of the forward current

in the form:

rr

v,
W, =& (A1§+BIF+C) (A17)

ce
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A.2.4 Diode I .osses

Since the diodes will turn on at approximately zero voltage, then the turn-on losses can be
assumed to be small. Therefore, an estimate of the diode losses will be the sum of the
conduction losses and reverse recovery losses. These can be calculated similarly to the losses

in the freewheeling diodes calculated for the IGBT.
A3 Magnetic Device Losses

Transformer and inductor losses are due to core loss and conduction loss. In general, core
losses are independent of the load current, while conduction losses increase by the square of
the load current. Factors that influence the losses include the material type and dimensions,

operating frequency, voltage and current magnitude, and the harmonics.

Transformer and inductor losses can be grouped under conduction losses and core losses.
Conduction losses depend on the resistivity of the coil material, the cross sectional area and
length of the conductor, and parasitics. Core losses depend on the type of core, frequency,

and flux density. A detailed description of magnetic device losses is in [66,68,58].
A.3.1 Core Losses

The core loss includes hysteresis losses and eddy current losses. Hysteresis loss is given by:

Py =f j Wit = fA.1, J' HdB (A18)

onecycle
where fis the operating frequency, 4, and /, are the core area and length., and H is the

magnetic field.

Eddy current losses, from currents induced in the magnetic core, are from 7R losses in the
core and are proportional to the square of the frequency (since by faradays law, the induced
voltage is the derivative of the flux). Eddy currents can be reduced by using laminated cores,
powdered cores, or core materials with higher resistivity. These cores are often more

expensive and saturate more easily.

Based on manufacturer’s data, the core loss at a given frequency can be approximated by the

Steinmetz equation, where the transformer core losses are given by:

Pross = Kf Bl (W/kg) (A19)
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where B, is the saturation flux density, and K, «, and f are based on the datasheet
information and depend on the operating frequency. Note that most core loss curves use
bipolar flux swings, so for unipolar flux swings then the losses can be approximated by

dividing the peak flux density by two [81].
A.3.2 Conduction 1 osses

The conduction losses can be modelled as a series resistance, where the total power loss (for

a transformer) is given by:

) )
Pcond ZIZRZP[ILZV L +1121V 1 J <A20)
ALV AHV

where g is the wire resistivity, /is the wire length, and 4 is the cross sectional area of the
wire. The resistivity of copper is 1.724 u€2-mm at room temperature and increases to 2.3
nQ-mm at 100°C. Copper wite resistance in Q/km can be obtained based on the wire gauge;
however, large transformers and inductors often use square conductors for structural

reasons.

Other factors that affect the conduction losses include the skin effect (which will limit the
size of the cables) and the proximity effect (which induces eddy currents in the cables).
Methods to limit these losses include use of Litz wire (which is composed of many insulated
strands) and interleaving the primary and secondary windings. When parallel conductors are
required (for high current coils), then the conductors may need to be transposed, which may

increase the effective space required for the conductor.
Information on transformer and inductor designs is in Appendices B.1 and B.3.
A.4  Capacitor Losses

For DC capacitors, the losses will be mostly due to leakage through the dielectric resistance.
This can be estimated using datasheet information. The dielectric resistance (in M€2 x uF) of

Vishay high voltage DC capacitors is shown in Figure A-10.
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Figure A-10: Vishay high voltage DC capacitor dielectric resistance.
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For AC capacitors and those used at higher frequencies such as resonant converters, a typical
capacitor model consists of a series resistance and inductance. Since capacitor losses will
often vary over the capacitor lifetime, the datasheet may list the power losses per kVAR over
a period of time. The losses of Vishay ESTAfilm capacitors (capable of operating at medium
frequencies) are shown in Figure A-11.
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2.0

—W/kvar

1.0

0.5

> Operatina time in months

Figure A-11: Vishay medium frequency capacitor losses.

A-11



APPENDIX B. MAGNETIC DESIGN

B.1 Transformer Design

The most cost effective 3-phase transformer designs use a single 3-phase core, as shown in
Figure B-1. Large transformers may be constrained by the height of the core (due to
transportation difficulties), and sometimes require 5-leg designs or even separate single phase
transformers; however, since the maximum power of a wind turbine is usually less than 5
MW, a three-phase design using three legs interconnected at the top and bottom by yokes of

similar dimensions should be practical for most installations.

de Wiy Why
— =
Riv
Riv
core

—  —
— Owv  GHv-Lv

a) 3-ph Core b) Winding Layout
Figure B-1: 3-Leg transformer and winding layout.
The dimensions shown in Figure B-1 are the inter-winding gap (g,), the core diameter (), the
yoke height (4), the LV gap (g,,), the gap between the HV/LV windings (g;-;,), the LV
winding width (w,,), the HV winding width (), the height of the LV and HV windings
(h), the outer wind radius (R), and the mean radius of the HV and LV windings (R, and

RHI/)'

The design of the transformer must ensure that the flux density of the core is below the
saturation flux density of the core material. The flux in the core depends on the transformer
magnetizing current, and using Faraday’s law, can be related to the primary transformer

voltage:

d(nyi, +n,i di,
v, =n1d£= n (”1’1 ”2’2) s g

dt R dt S gy B1)

mag

where », is the primary voltage, #, and 7z, are the primary and secondary turns, @ is the

magnetizing flux through the core, K, is the magnetic reluctance, and L,

mag nag

is the magnetizing

inductance related to the primary side. Using ampere’s law, then the main transformer design



equation, which relates the flux density in the core to the integral of the voltage (volt-

seconds), can be obtained:

J‘ di=L i Lmagq)Rmag BA
VAl = Lyyolypge =—— = mb4, 2
) g mag n, (B2)

where, B is the flux density, and A, is the cross-sectional area of the core. The maximum flux

density will occur over half of the period, so that:

1 7

B — w
max \/Eﬂ' n AC

The maximum value of B depends on the permeability of the core material. The most

B3)

common core material for distribution transformers is grain oriented silicon steel, which
saturates at a flux density of around 2 T. From (B3), then choosing a core material with a
high maximum flux density will allow a reduction in the product of the winding turns and the

core area, the selection of which is a trade-off between the core and conductor size.

The winding material is usually copper, although aluminum can be beneficial to reduce the
transformer weight and depending on the material cost [82]. The thickness of the winding
will depend on the rated current as well as mechanical requirements. To reduce losses, the
cross sectional area of the cable can be increased, although the maximum area is limited by
the skin depth (especially at higher frequencies). To reduce skin effect losses, parallel wires or
Litz wire can be used when the required cable diameter exceeds the skin depth (8.47 mm at
60 Hz). Parallel conductors may need to be transposed to avoid losses due to circulating

currents, which will increase the effective conductor thickness.

The core losses consist of hysteresis losses and eddy current losses. To reduce eddy currents
in the transformer core, it is normally composed of thin laminated sheets. Further reduction
of the core losses requires decreasing the core length, operating at low flux densities, or with

low loss materials.

The losses of different core materials vary depending on the frequency, maximum flux, and
also between various manufacturers. Table B-1 shows a comparison of approximate losses at

60 Hz for different thicknesses of silicon steel and for Metglas amorphous steel [83-806]:
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Table B-1: Core losses of various materials and saturation levels.

Bunax = 13T Brax=15T Binax = 1.7T
M-2 (0.18 mm) 0.54 W/kg 0.89 W/kg -
M-3 (0.23 mm) 0.58 W/kg 0.93 - 1.08 W/kg 1.19 - 1.54 W/kg
M-4 (0.27 mm) 0.67 W/kg 0.84-1.17 W/kg 1.25-1.72 W/kg
Metglas 26055A1 0.16 W/kg 0.38 W/kg -

Metglas is currently rated up to 1.65 T and other low loss alloys with higher saturation
densities are being developed [87]. Amorphous core materials were usually only used in low
power transformers, but higher powers are now offered (Hitachi offers 3.0 MW amorphous

core transformers [88]).

The amount of leakage flux will influence the voltage regulation and fault current. High
leakage flux can lead to voltage regulation problems leading to large voltage differences
between no-load and full load operation; however, this may be required in some cases to
limit the fault current. Generally the leakage flux is designed for around 10%. For two-
winding transformers with primary and secondary windings wound around the same core,

the leakage flux can be estimated as [68]:

(B4)

2 27) pn® f (1
Xleakage= );y;L = (;Z(Zinsjf (E(RHVWHV +RLVWLV)+RHV—LVWHV—LVJ

where X is the base reactance per phase of the transformer, n is the number of turns, and
the other parameters are shown in Figure B-1. The fringing flux is accounted for with the

parameter s, which is approximated as [68]:

S = 032(R0 _Rc) (BS)

where R is the radius of the end of the HV coil and K is the radius of the core.

Insulation is required around the individual conductors in a coil, between the windings and
the core, and between adjacent windings. The thickness and insulation type depends on the
voltage of the winding, and thermal requirements. A transformer voltage rating at above 10%
rated voltage is generally required to meet grid specifications, although the insulation must
also be able to handle short term overvoltages. Normally a combination of oil and paper is
used, with the oil increasing the electrical strength of the paper as well as providing improved
cooling capabilities. It is common to use a distance of 1 kV/mm for the transformer design,

although the actual insulation electrical strength is much higher [67].
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The transformer must also be designed to be able to withstand short term surges and
transients from switching and lightning. The structural design of the transformer must be
able to withstand the various mechanical forces that occur during fault conditions. Overload
and cooling should also be considered, although since it will only be connecting the wind

turbine to the grid, then there may be minimal overload requirements.

An example design will be performed using a 3 MW turbine with a 1000 V output at 60 Hz
(similar to the Vestas V90 asynchronous generator based wind turbine or the GE 3.0sl
permanent magnet based wind turbine). The power output of the turbine is zero when the
wind speed is below 4 m/s and is fixed at 3 kW when the wind speed is above 15 m/s and
below 25 m/s. The power output of the wind turbine between 4 m/s and 15 m/s will be

approximated using a cubic equation, given by:

P U)= 743.3-490.5U +90.3U°% -3.17U°  4<U<15 (B6)
! 3000 15<U <25

where U is the wind speed and the power is measured in kW. The resulting approximate

power output of the wind turbine is shown in Figure B-2.

3000
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N
o
o
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Figure B-2: Estimated wind turbine power curve.
The transformer will be designed to connect the wind turbine to a 30 kV medium voltage
grid and will be rated for 3 MVA. To minimize the cost over the lifetime of the transformer,
a cost function will be used that considers the material cost of the core and windings, and the
cost of core and copper losses over the total lifetime of the wind turbine (assumed to be 20
years). Although other costs such as the transformer case, insulation, bushings, and
maintenance will vary depending on the design, these will be assumed constant and will not

be included in the cost function.
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B.1.1  Conductor Design

The mass of the conductor is approximately:

M, = 3(dcuMLTLVnLVAcuLV +dcuMLTHVnHVAcuHV) (B7)
where 4, is the density of the copper winding, # is the number of turns, .4, is the cross
sectional area of the conductor, and MLT is the mean length per turn. The area of the LV
conductor will be given by:

4= 11y max

clV = Ny = hppsindWrviin (BY)
iy

where [, is the current density in the wire. The area of the high voltage conductor will
evaluated similarly. The current density in the wire will be affected by the type of transformer
cooling, but is generally between 2-4 A/mm” [83]. To limit losses due to the skin effect,
multiple parallel conductors should be used for the LV winding, which will require
transposition. If disk windings are used, appropriate spacing is required between the disks to
improve the heat conduction and for insulation. To simplify the design equations, the length
and width of both HV and LV coils will be increased by a factor of 1/0.6 to account for
insulation and cooling duct space. In addition the insulation around the coils will be set to 35

mm around the HV winding, and 5 mm between the LV winding and the core.

Besides the resistivity and wire design, the wind turbine conduction losses will depend on the
wind characteristics in the area and the wind turbine power output characteristics. The

conduction losses are given by:

conduction — LV A
culV culV

- _ pcu[(MLTLV ) 0 (MLT,, 'n”V)If,V(t)] (B9)
where g, is the resistivity of copper. The current into the transformer is a function of time
and will vary depending on the speed of the wind. The primary and secondary currents are

related by the transformer turns ratio so that:

]LV(t): il ]HV(t) (B10)

Rry

If the wind speed is estimated using a Rayleigh distribution, then the probability density

function of the wind speed is given by:
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pU)= 1(2}‘?[5]2 B11)

where U is the mean velocity of the wind. Using (B6), the expected value of the square of
the current will therefore be given by:

U 2

I

This result of this integral can be used to determine the expected turbine losses depending

on the wind characteristics.
B.1.2° Core Design

The mass of the core is given by:
Mcore = Mlegs +Myokes <B13)
where the mass of the legs and yokes can be approximated as:

Mlegs - 3dfe core(hLV +2hm9)
Myokes = 2dfe core(3dc0re + 2gLV + 2WLV + 2gHVLV + 2WHV + gw)

and where 4, is the density of the steel in kg/ m”. The core losses are usually approximated by
fitting the datasheet graph of the core losses vs. frequency and maximum flux density given

by the Steinmetz equation:

core = Kf max (Bl 4)

where K, a, and f are constants. Despite higher losses at higher B, , it is often advantageous

max>
to operate at higher saturation levels since this will allow minimization of the product of the
turns and the core area, which will decrease material cost, core losses, and conduction losses.
A comparison will be made of transformers operating at a set B, close to the saturation flux

density, given in Table B-1. The frequency will also be assumed constant at 60 Hz.
B.1.3  Cost Function

The cost minimization function will be:
Min { Conductor Cost+ Core Cost + Cost of Losses} (B15)
where the conductor cost is given by:
C d :CcuMcu <B16)

con

The core cost is given by:
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core

Coore = CreM y, B17)

The cost of losses can be related to the material costs using the present value of an annuity:

loss — j (l+l)N

where 7is the interest rate and IN is the time period. The minimization variable, x, will be:

24 E s (wn) | 1 (B18)

EZ[WLV hyy Wy npy dege 1y ']LV] (B19)
The current densities (/,;-and J,;) will be constrained to be less than 4 A/mm?” The height
of the HV winding will be set to be 0.95/,,. as is recommended in [68]. The leakage

reactance will be set to 10%.
B.2  Amorphous Core Transformer Comparison

For the base case, the electricity price will be set to $0.10/kWh and the daily interest rate and
time period for the annuity will be 5%/365 over 20 years. The material information,

including estimated cost ranges for silicon and amorphous steel and copper, is in Table B-2.

Table B-2: Material information base case.

Grain Oriented Silicon Steel Amorphous Steel (Metglas) Copper
Bu=17T Buw=14T d4,~8.94 g/cm?
d=T7.65 g/cm? =718 g/cm? 0,—1.72x108Q/m
Cost = $4/kg Cost: $4/kg Cost: $8/kg
Losses: 1.2 W/kg Losses: 0.4 W/kg

The resulting material weight and losses for transformer designs optimized for a range of
average wind speeds are shown in Figure B-3. The curves show losses and weights of the

cores and conductors for transformers designed with amorphous steel and silicon steel cores.

4500 --------"-"---"--"+--"-"-";-"-"-"-"----—~- 4000 -~~~ -
SiFe Conduction Loss —— SiFe core weight

4000 - - - -L - - -4 SiFe Core Loss —— SiFe conductor weight
— Amorphous core weight

—— Amorphous Conduction Loss
: --+- Amorphous Core Loss [

3000

)

=

|
1
4 3500
|
|
1
1
1
! 2500
|
|

Mass (kg

2000

1500

1000

Average Wind Speed (m/s) Average Wind Speed (m/s)

Figure B-3: Transformer core and conductor losses and material mass.
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The overall present value of the cost of both the transformer core and conductor materials
and the losses over the 20 year lifetime of the wind turbine are shown in Figure B-4 for

transformer designs optimized for a range of average wind speeds.

12 77777 T T T T - - -~ L ———— | ——— | —

b

Cost of Materials and Losses

Average Wind Speed (m/s)

Figure B-4: Core and conductor material costs.

The efficiency of a transformer designed for a wind turbine in an area with an average wind

speed of 8 m/s is shown for various loading levels (from 0.1 to 1 pu) in Figure B-5.

99.8

Efficiency (%)
O
©
N

99

Transformer Current (pu)

Figure B-5: Transformer efficiency for a design with an average wind speed of 8 m/s.
To show the effect of varying costs of core materials, the overall cost of materials and losses
over the transformer lifetime is shown in Figure B-6 for designs based on core material

prices ranging from 0.5-2.5 times the base costs (in Table B-2).
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Figure B-6: Transformer cost at varying core price variation.
The core price variation is a multiple of the base case used in Table B-2. Figure B-6 shows

that silicon steel cores are preferable at higher amorphous core prices and lower silicon steel

prices (as in the past).

The losses and cost results demonstrate the cost benefits of amorphous core transformers,
however it should be noted that this efficiency analysis does not take into account all the
transformer losses (such as due to the skin effect and proximity effect), the structural design
of the transformer, and the insulation and transformer externals. This analysis could be used

as a basis for a more detailed design that includes the other components.

To show the effect of designing for the correct wind forecast, Figure B-7 shows the cost of
the core and conductor and the cost of losses various transformers over a range of wind

speeds. The transformers were designed for wind speeds of 6, 8, and 10 m/s.

14

—— 6 m/s wind speed design =
------- 8 m/s wind speed design
120 ----------— —— 10 m/s wind speed design f
------ 12 m/s wind speed design

Cost of Materials and Losses

Average Wind Speed (m/s)

Figure B-7: Transformer designs for various mean wind speeds.
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As can be seen from Figure B-7, the impact of designing the transformer for a specific wind
speed is greatest when the average wind speed is low. When the wind speed is between 7-8
m/s, the cost variation is around 3-4%. Since these cost savings are small, individual
transformer design may only be important when designing a large wind farm where many

wind turbines will be operating at a similar average wind speed.
B.3  Inductor Design

The main inductor design equation is based on Ampere’s law, so that:

n[:q{ . J (B20)

c

where 7 is the number of turns, I is the current flowing through the inductor, @ is the flux in
the core, / is the mean length around the core, # is the permeability of the core, and A, is the

core area. Using Faraday’s law then:

do(t)  n*  dit)

v(t)=n =
dt { I, J dt (B21)
LA,
The inductance is defined as:
2
o
[ I, j (B22)
HA,

The value of x is equal to yu, where y,is the permeability of free space and g, is dependent
on the core material. For grain oriented silicon steels, #, can be around 50000, but it is highly
dependent on the temperature of the core. Therefore to keep the inductance stable for
varying temperatures, most inductors are designed with an air gap in the core, so that (B20)

becomes:

l )
nl=® —+—£ |- (R, +R,)= DR, (123
II’MC /UOAC

The maximum flux density will depend on the core material. The flux density in the inductor
will be the sum of the AC and DC flux density. The AC flux density can be calculated similar

to a transformer and will be given by:
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Bie =—— [V ok (B24)
T

The maximum DC flux density can be obtained using (B23), is given by:

nl, max ~ ,LIOI’lI max (BZS)

A.(R.+R,) l

BDC =
g

In order to design the inductor, a similar minimization function can be used as in Appendix

B.2, so that the cost of the core, conductor, and losses are minimized. This is given by:

Min { Conductor Cost + Core Cost + Cost ofLosses} (B26)

where the conductor cost is given by:

C

cond

= CcuMcu (B27)

The core cost is given by:

Ccore = Cfere

(B28)

The cost of losses can be related to the material costs using the present value of an annuity,

so that:
_ 23 Epossim) . (B29)
loss i (1 + Z)N
where 7is the interest rate and IN is the time period. The minimization variable, x, will be:
X= |_Ww lw lg dcore nJ BJ (BSO)

where , is the width of the coil, /, is the length of the coil, / is the length of the airgap, 4,,, is

the diameter of the core, 7 is the number of turns, and | is the current density.

Similar to the transformer design, the losses are dependent on the core and copper losses. If
the inductor design is similar to Figure B-1, but only consisting of one vertical core with a
single winding around it, then if /,, is the length of the insulation between the coil and the

core, the mass of the core can be approximated as:

2
dcore (BB]‘)
M, =d fe;{Tj (2w, +21, +81,, +4d,,,.~1,)
where 4, is the density of the steel. The mass of the conductor can be approximated as:
MCM = dcuﬂ-(dcore + 2le + %)HACM = dCu (MLT)nACM (B32)
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where d, is the density of copper, £ is a constant dependent on the insulation, MLT is the

o

mean length per turn, and .4, is the area of the copper wire, given by:

4 =L (B33)
where [ is the current density in the wire. The maximum current density will be dependent
on the type of insulation and cooling. The conductor losses can be approximated as:

P

conduction

- | VL ) @39

where g, is the resistivity of copper. Depending on the frequency of operation, the resistance
of the wires will vary due to the skin effect and the proximity effect. To avoid high losses at
higher frequencies, parallel conductors or Litz wire may be required, which will increase the

cost and amount of insulation. These effects will need to be considered in a detailed design,

but will not be modeled in this analysis.

Similar to transformers, the losses can be approximated using the Steinmetz equation:

Pcore = KfaBIﬁafoe (B35)
Estimating based on Figure 18, the core loss for Nippon 0.23 mm steel and Metglas

2605SA1 amorphous steel, the parameters will be approximately:

Table B-3: Core parameter estimation.

K o B
Nippon 0.23 mm steel 0.00051 1.615 1.844
Metglas 2605SA1 amorphous steel 0.00011 1.554 1.486

As mentioned in Section A.3.1, since the flux will be unipolar, then the core losses should be
approximately half of what is expected based on the estimated formula. In order to limit the

weight of the inductor, the maximum flux density will be set between 1.2-1.7 T.
B.3.1 Air Core Inductors

Air core inductors may offer advantages in some designs. These inductors have no core
losses, do not risk core saturation during fault conditions, and may be lighter and smaller.
The conduction losses will be higher since the coil will require more turns to achieve the

same inductance as a steel core transformetr.
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The most basic air core inductor design is a toroid, where similar design equations can be

used as in Appendix B.3. A section of the toroid is shown in Figure B-8, where »

oni

and w,,

/. is the circumference of

> “en

are the widths of the winding on the inside and outside of the core
the inner part of the winding and 4. is the diameter of the core. For the minimization

function, only the width of the winding on the inside of the core will be used.

Woeui dc Weuo

Figure B-8: Section of a toroid inductor.
Similarly to the transformer design, the actual conductor width and length will be increased

to account for insulation. The mean circumference of the core is given by:

¢ 2 2

where £ is the insulation factor for the winding. The mass of the conductor can be

approximated as:

MCll = dCM ”(W

cui

+d, A, =d,(MLT)A,, B37)
Similar design steps to those in Appendix B.3 can then be used to design the toroid air core

inductor to minimize cost.
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APPENDIX C. RESONANT CONVERTER ANALYSIS

C1 External Inductance Resonant Converter

The main converter design equations and converter characteristics are given in Section 4.1.

This appendix contains further details of the converter operation.
C.1.1 Converter Peak and Average Input Current

In order to evaluate the current, as well as the power transfer where # = 7, is the initial
switching time, # = 7, is the time when the voltage of the resonant capacitor is equal to the
voltage at Terminal 2, # = /. is the time for the resonant current decreases to zero (for
discontinuous mode operation) or the beginning of the next switching cycle (for continuous

mode operation).

The time to the peak current into the converter can be obtained using the derivative of the

resonant current with an initial condition of 1,=0. For discontinuous operation:

di(t) _ Vi~V
= 2 coslat)=0
dt Z, ( 0 ) (C1)
T
t=—" 2
4
where:
VC" = Vl
VcrO - VZ
Therefore:
Iy = 2210 C3
ek =7 - (€3)

For the continuous operation then I, is non-zero and therefore:

dilt . Vi - Vcr
_;(t ) =—I,w, Sll’l(a)ol‘)+ IZ—OOWO COS(a)Ot) =0 €4
V) — Vcr
tan(a)ot) = 110—200 €5

Since the current operation changes depending on when the voltage reaches the terminal
voltage, then an estimate of the minimum current value (I;) and the peak current value (1)
depending on the converter and the switching frequency can be made by estimating that the

current is symmetric around the peak current. Therefore:
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A (Co)

L)
and:
t Vi +V. t C7
I(t. )=1, =1, cos| w, -~ |+ ——2sin| o €7
()=t = Tocos{ o+ P s,
and:
. t,
Sll’l a)oi
i+, [ 2]
Iy = (C8)
ZO ts
1 —cos| w, =
(%)
Therefore:
Vi+V, .
I(tp ): I, cos(a)otp )+ %sm(a)otp) C9)

0

Squaring I(#,) and subbing in for I, and using the estimate that £, = /27 results in:

0.5
[+, 2
I(tp )_ ( Z, JL - cos(a)ots )} (€10

This value will always be greater than the peak current below the resonance frequency,

although the difference between the peak value and the minimum cutrent (I,-1;) will decrease.

The average current will be the integral of the current over one switching cycle, divided by

the switching time. For operation below resonance where 1,=0, the average current is:

:_J'(Vl sin a)ot)Jd' __4 [I/1+V2j:4(V1+V2)Cr (C11)

T, \ Z, T

N

For operation above resonance, the average current is:

T,
7
l,.= J.(IO cos(a)ot)Jr Vl; & sin(a)ot)]dt

0

0
2 T, T,

Sl el U 1-
T { sin| @, 2} (V1 +V2)C [ cos(a) 5 JH i
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C.1.2 Maxcimum Power Transfer

Power transfer into the resonant converter will occur when current is flowing through the
thyristor switches. Power flow out of the converter will occur when the peak voltage across
the resonant capacitor is greater than the DC voltage of the second terminal. The converter
input and output currents, as well as the capacitor voltage are shown in Figure C-1 for a
converter operating at resonant frequency. The current into the HV terminal (I,) does not

equal the current from the LV terminal (I;) due to the HV inductor.

V2ave s m s s s s S DD D _‘ —~ . v_F

Mpk|-bmm e f

T

-
-
\

_

I

Figure C-1: Converter input and output cutrents at resonant frequency
The energy flows out of the converter between #; and 7, (in Figure C-1) where the voltage of
the resonant capacitor is equal to the voltage across terminal 2 (assuming the diode resistance

is small). In this case the current through the resonant inductor can be obtained from:

v, -V, =Ldi;—t(t) (C13)
0= 1,0+ [ 22 =1, () + 22 -1, 14
At time #; 17, = 1/, therefore:
VC(tB): V,=V _(Vl -V, )cos(a)otB) (C15)
V,-V.
Vi N Vz = cos(a)otB) (C106)
therefore:
. NEYA% C17
sm(a)OtB)z —V +1V2 ( )
1772
and:
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NAS (C18)

At time 7, I(1;) = 0 therefore:

Vl _V2

I{te)=0=1(t5)+ (tc —13) (C19)

and if #; is set to 0 then:

L
te =—1(ty )ﬁ (C20)
1 2

Since the energy flowing out of the converter is given by:
tC tC —
E, = J' V,1,()dt =V, - J' { I(tB)Jr@(t 1, )}dt 21
ty 1y
then setting #; to 0:

Jany. - 2
E. =v,. lz(tc)+(Vl 7)) 1 Z}VZ{_ZWII@L LWL }_2VIV2C

_t =
Zy L 2 ‘ g(Vl_VZ) Zg(Vl_Vz) Vy =" €22

In continuous mode operation the switching frequency is greater than the resonant

frequency, resulting in a waveform as shown in Figure 26(b).

Assuming steady state conditions where the current at all switching times is equal, then the
resulting converter equations at time 7 = 7, when the voltage across the converter is equal to

the output voltage 17, are given by:

I(tg)=1, cos(w0t3)+ Vl; & sin(thB) (€23)
0

Vo, @g)=V, =V - (Vl + Vz)COS(WofB)"‘ Zyl, Sin(WotB) (C24)
Since during steady state operating the voltages at the switching time are equal, if the initial

time is set to zero then at T,/2 = /,, the current is given by:

Ldl_(t) — Vl _ V2 (C25)
dt
Iy =1y = 1)+ 22 1 1) (€26)

I

and the energy transferred in one half cycle is:
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E, = [ vnwd=v, -J“”{I(zB )+M(t)}dz
15=0 Iy L
L v, -1 ,  L? v, L ) >
=V, | 1(e5 X1, —1(z + — (1, -1(c =2 12-1(t
e et L e et R
By squaring the resonant voltage and current and summing then:
[é_[gz(Vl"'Vz)z_(Vz_Vl)z _ 4" (C28)
Z Z Z
Therefore:
e 1 { K%}ZHU?Q (C29)
out
200-m) z5 | h-nn)

Since losses were ignored, then this will also be equal to the power into the converter. This
result is the same as for the discontinuous operation and therefore the maximum power

output of the converter will be:

2NV C
Pmax :Ein 2fs :#2fs
Vo=V

(C30)

Therefore for fixed voltages at the terminals of the converter, the power output can be
varied by adjusting the frequency of the converter. Both converters have the same result,
however since the parallel resonant converter does not allow operation above the resonant

frequency then the maximum power output will be:

2
Pmax = 2V1V2 < 2f0 (C?)l)
Vo=

The voltage ripple on the output capacitor can be obtained using (C29). Assuming a very low

load, then the maximum voltage ripple for one pulse will be given by:

e
AV, = -1+ (#H (€32)

Vy=)C,
where C, is the output voltage capacitor and A17, is in pu. This can be used to design the

output capacitor depending on the allowable output voltage variation. The output capacitor

size will be given by:

4r,c
C. - G, C33
? (Vz _V1)AV2(AV2 +2) )

The LV capacitor can be obtained based on the allowed LV variation and will be given by:

T,/2

1 C34
¢, o= 526, +72) (€9

AV,
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C.1.3 Converter Input Current and Maxcimum Power with Parameter 1 ariation

Using the formulas derived for the maximum power and the current variation, the effect due
to variation of the converter properties is shown in Figure C-2 to Figure C-5. The resonant
capacitance and inductance, as well as the terminal voltages are varied on a base case

converter with the following properties:

HYV Terminal Voltage 500 kV
LV Terminal Voltage 35kV
Resonant Capacitance 2.3 uF
Resonant Inductance 3.6 mH
Resonant Frequency 1750 Hz

Each figure shows the input current range into the converter and the maximum output

power for fixed terminal voltages. The average current is a dotted line (if shown).

40 ‘ ‘ ‘ ‘ ‘ ‘ 1400 ‘ ‘ : : : :
/;;/ 1200}
30| A
- 1000}
g ey S 800
2 Py = L
s 7 74 %
8 . - 4//////’ - '/ § 600+
10 . - = 400/
. /,// — j
- . — ///
S/ - 200}
0 /;; \/ | / | i | , |
0 L L L L L L
0 500 1000 1500 2000 2500 3000 3500 0 500 1000 1500 2000 2500 3000 3500

Frequency () Frequency (Hz)

Figure C-2: Effect of capacitor variation on the current and power; blue: base case; red: 2xbase case;
green: 0.5xbase case.

20 : . : ; ; ; 1400 ; ; . . . .
1200
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1500 2000 2500 3000 3500 0

1000 !
Frequency (Hz) 0 500

0 v
0 500
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Figure C-3: Effect of inductor variation on the current and power; blue: base case; red: 10xbase case;
green: 100xbase case.
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Figure C-4: Effect of varying the low voltage terminal voltage on the current and power; blue: base
case; red: 0.5xbase case; green: 2xbase case.
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Figure C-5: Effect of varying the high voltage terminal voltage on the current and power; blue: base
case; red: 1.6xbase case; green: 0.3xbase case.

The following conclusions can be made:

into the converter

inductor.

Increasing the power output by increasing the size of the resonant capacitor or
reducing the gain (either by reducing the voltage at the high voltage terminal or

increasing the voltage at the low voltage terminal) will result in higher peak current

Increasing the size of the inductor will result in a current approaching the average
current and will reduce the peak inductor current without changing the maximum

power of the converter. This will increase the cost of the low voltage terminal

Increasing the magnitude of the lower terminal voltage will result in high increase in power

with only a small change in the peak current. Therefore multiple levels of converters may be

advantageous in some situations.

C-7



C.2  Comparison with Parallel Resonant Converter

The resonant converter analyzed in Section 4.1 has a number of advantages over the similar

parallel loaded resonant converter topology, shown in Figure C-6.

+

Resonant

S1 S3 \— _Tank
I Iy
L ' -
L i *
V1 | C/-\ Vcrl V2
| r ‘ | :

l_ _ _ _ I

S2 S4

Figure C-6: Parallel Loaded Resonant Converter (PRC)
This type of converter can be used with both thyristor switches and IGBT switches (that do

not have reverse blocking).
C.2.1 Parallel Resonant Converter with Thyristor Switches

When thyristor switches are used, then during discontinuous mode the resonant current and
voltages are the similar to when the inductor is on the DC side of the converter. The switch
characteristics are different though, and this design cannot be operated above the resonant
frequency and will have in low turn-off times in the discontinuous mode. The switch voltage

and current waveforms are shown in Figure C-7.

h R S1 Voltage M
= === S3 Voltage

< toff >
,"\ S1 Current
4 “ == w= = 53 Current
I 7” 77777 ‘ RN S [N S Y —
7 A
1 \
1 A\
FEo- e o A S _
’ \
I Y
0 \
| S10FF I s1orr S10N |
S30N 3 OFF 3 OFF

Figure C-7: Discontinuous mode switch characteristics of a Parallel Loaded Resonant Converter
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After the switch S turns off, the voltage across it is negative only until S, starts conduction, a

time which is given by:

T,-T,

N

toﬁ’ = 2

(C35)

As the switching frequency approaches the converter’s resonant frequency, the turn-off time
approaches zero and therefore even a Parallel Resonant Converter with ideal Thyristor

switches cannot operate above the resonant frequency.

The maximum switching frequencies for different maximum turn-off times of both types of

converters is shown in Figure C-8 below.

5fo/2

2fo

3fo/2

=)

fo/2

Maximum Switching Frequency (fs)

0 1 1
0 To/8 Tol4 Tol2 To

Maximum Switch Turn-Off Time (t )
offmax

Figure C-8: Maximum switching frequency for changing switch turn-off times.

C.2.2 Parallel Resonant Converter with IGBT Switches

If IGBT switches are used then there will be no reverse blocking (unless diodes are
connected in series) which will vary the output and operating ranges. The equations for the
resonant converter are given by:

i,(t)=1,, cos(a)o(t —t, ))+S—
Z,

ve(®) =V, - (Vs —Veo )cos(a)o (t —1ly ))+ Zyl sin(a)o (z —ly )) (C37)

In steady state conditions, the switching will occur at 17,=0 and the current through the

sin(, (1 —1,)) (€36)

inductor is inverted every switching cycle. Therefore if the initial current is defined as I, then

at the switching time # = T./2:
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-1,=1, cos(a)ots )+ ;/—1sin(a)0ts ) (C38)
0
N _sin(oyt,) (C39)

I =
0 Zy 1+cos(a)0ts)

The range of I, is from (0,%), depending on the switching frequency. I, is shown below for

the range of switching frequencies w,/2 < w, < 2w,

[lo]

Frequency

Figure C-9: I, for different switching frequencies.

The different modes of operation are the following:

a) Discontinuous mode: w, = w,/2
b) Continuous Mode: w,/2 < »,< w,
¢) Continuous Mode: 0, = w,

d) Continuous Mode: w,> w,

The output voltage depending on the input voltage and frequency is shown below:

10V1

V2|

Frequency

Figure C-10: Maximum V; for different switching frequencies.

At the maximum current then:
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dl—(t) =-myl, sin(a)ot, )+ @, ﬁcos(a)ot, )= 0 (C40)
dt max ZO max

Zyl, sin(a)ot,mx )— 4 cos(a)ot,max )= 0
Therefore at I(2)=1,,,.:
Viy=v,-" cos(a)otlm )+ Zyl, sin(cootlmx ): 4 (C41)
By squaring the resonant voltage and current equations at maximum current and summing:

2
C42
I? =1§+[£J (€42
Z

max
0

v} ;

2

As the frequency approaches resonant frequency then 2 >> L and the maximum current
0

will approach I, Also, the maximum current into the converter independent of the voltage at

the secondary terminal and is therefore independent of the converter gain.

Discontinuous mode: o, = w,/2

As can be seen in Figure 13, when w, = w,/2 then the initial current I,=0. Therefore

i) =;/—lsin(a)ot) (C43)
0

v(t) =V, —V, cos(,t) (C44)

and the maximum current is 17,/ Z, and the maximum voltage is 1,

Current | m=—S1 Current ||
7777777777 | = Voitage 1 S3 Current
' )
] ‘\ I’ )
] 1 ] \
1 ' ] )
77777777 SR T ——_— . ——_—_—__
! 1 ] \‘
/A [
\\ [} 1
/7\7‘ I N T T 777;!7/”\:;
’l 0\ { V1 === 51 Voltage
I \ " | S3 Voltage
,,,}, ,,,,,,,,,,, ,,“,,,,1,, ,,,,,,,, I e R L D
I
' ‘\ 2 N R T T | IR
/ |€S1S40N M s2830N > | | ____ S A R ——
- _ _ _ _ | R - - - - - __ —
0 -—

Figure C-11: Converter operation for w;= wy/2.
To calculate the maximum power, assume that the voltage at the second terminal 17, is

constant and is:
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Vy=al (C45)

When the voltage on the resonant capacitor is equal to 17, then the equivalent circuit will be:

'%fm\
L,

el il N
Vi |

Figure C-12: Simplified circuit after Vc=V,
If the time for [/, to reach 17, is equal to #;, then at time #;

I(tg) = ZV—lsin(a)OtB) (C40)
0

V() =V, =aV, =V, =V, cos(wyt) (C47)
Squaring both equations and summing, then:

: C48
i(tB)2 :a(2—a{ZV—lj (48

0

Using the circuit in Figure 15, then the current through the resonant inductor is given by:

i) = 15)+ 2 (e-1) (©)
The zero crossing of the current occurs at time 7, which is equal to:
PR (G (C50)
© 0 (el

Setting #,=0, the power transferred from the resonant converter to the second terminal

during a half switching cycle is given by:

t t

P=1, [itodr =, | (mmVl‘Vz tJdt=aV11(t3)(tc)+0‘V1Mt§
ty 0
I(1y)L (1—a)( 1G)L Y
:aVll(tB)(_ (1—05)1/1}0‘[/1 2L ((1—05)1/1]
T Y 1aa-2)(n Y
LR R e P e o S E

The maximum power is shown below for the gain varying from 1 < o < 2.
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Maximum Power

Gain

Figure C-13: Maximum power for different converter gains

As can be seen from this figure, the maximum power drops sharply as the gain is increased.

Continuous Mo

de: o, > w,/2

When the converter operates in continuous mode, the switching frequency is greater than

wy/2. The resonant current and voltage waveforms, with the current and voltage of the

switches for three different continuous modes are shown below:

-~ -~ Cuirrent | === S1 Current ¢/
**;[’*3\* ************** T T T | === \gltage S3 Current
/ 1---

] \‘ i \ \

} \ i/ ) \
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\ F; U 4 | S3 Voltage ||
””””” AL W A e B
\ i Y R A R SR ]
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Figure C-14: Continuous Mode: wy/2 < ws< wy
e~ ) Current || o~ #=[===s1Cumen]|
LY === \/oltage S3 Current
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A ]
(E Y ] N 14 ‘
1 J § 1 Y
] \ I \
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Figure C-15: Continuous Mode: ws= wp
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Figure C-16: Continuous Mode: ws> wp
If the time for 17, to reach 17, is equal to #;, then at time #;:
Vv, .
I(ty)=1, cos(a)OtB)JrZ—lsm(a)otB) (C52)
0
Squaring both sides and summing results in:
(C54)

2
I(tg)* =12 +a2- a)(ﬂJ

Z

Similar to the discontinuous case, the power transferred from the converter to terminal 2 per

cycle is:
g h vV, -V 1
P=V2ji(t)dt=aVlj I(ty)+——2¢ |dt =——21(t,)* L
: ) L 2(1-a)
2 B 2
L@ o 1a’Coa)(n ],
2 (a—1) 2 (a-1) |z, (C55)
where:
;o sin(oy,) (C56)

o Z, 1+c0s(a)0ts)

The characteristic of the converter power for various gains and switching frequencies is

shown in Figure C-17:
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—w =w/2
S (o)
—w =0.75w_ H
S (o]
——w =0.9w
S o
———w _=0.95w /2
S o

Power

Gain
Figure C-17: Maximum power for different converter gains and switching frequencies
As can be seen in Figure C-17, as the switching frequency approaches the resonant frequency
then both the maximum power and the maximum gain increase. As the switching frequency
increases above the resonant frequency, the maximum power and gain will decrease as

shown in Figure C-18.

—w_=1.025w
S (o]
——w_=1.05w_ H
S (o]
——w_=1.25w
S (o]
—w =1.4w
S (o]

Power

14 1.6 1.8 2
Gain

Figure C-18: Maximum power for switching frequency above resonant
Using similar ratings as the previous resonant converters where 17,=35 kV, [7,=500 kV,

C,=2.3 uF, and [,=3.6 mF, then the peak current is much higher for an equivalent converter

operating power. This is shown in Figure C-19.
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Figure C-19: Peak current and power for varying frequency with V=35 kV, V=500 kV

Opverall, using IGBT's without reverse blocking has the following disadvantages:

more limited control over the maximum gain and power of the converter,

high switching losses when operating in the continuous mode since switching is done

at non-zero voltage and current,

high conduction losses since the current from Terminal 1 into the converter is both

positive and negative,

longer settling times to achieve steady state operation for continuous operating modes.
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APPENDIX D. THREE PHASE RESONANT CONVERTER

The 3-phase resonant converter operation achieves similar functionality to the single phase
resonant converter, but has a smoother input current and lower peak current and current
gradient, reducing on-state losses and reverse recovery losses. The 3-phase resonant

converter is shown in Figure D-1.

| |
1 2 L
D{ D, D 2
Lr1% eré LrSé ! 2 :
Is1 Is2 | ls3
s
Ir1
L V:1 Cr1
Vi |G e - Co| Vo
—_— T~ Vcr2 Vcr3 ™~ -
I3 * /<+
Cr Cr
SX&SS S
Isa Iss | Iss
D4 Ds| Ds

Figure D-1: 3-Phase Resonant Converter
At low switching frequencies, the converter will operate in discontinuous mode. After each
switching operation, current will flow from the LV terminal, through the turned on
thyristors, and charge the resonant capacitors. When the charge across the resonant
capacitors is greater than the HV terminal voltage, then current will also flow into the HV
side. The overall input and output current will be a series of pulses. Changing the converter

power is controlled by changing the switching frequency.

The discontinuous mode operation will be analyzed in detail in Section D.1. The advantages
of this converter during discontinuous mode are longer turn-off times (allowing higher
frequency operation and possibly smaller component sizes) and lower reverse recovery losses
(since only one thyristor turns-off after each current pulse). For a 3-phase resonant converter

operating only in discontinuous mode, a better design would use only a single inductor.

As the switching frequency increases, the converter will enter continuous mode, where
switching occurs before the current in the previously conducting thyristors has decreased to

zero. The main advantages of this converter occur when operating in continuous mode. The
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input current will be close to constant, eliminating the high peak currents of the single phase
resonant converter. The resonant inductors will also limit the rate-of-change of current
during turn-on and turn-off, reducing the thyristor reverse recovery losses. A detailed

analysis of continuous mode operation is in Section D.2.
D.1 Discontinuous Current Mode

In discontinuous mode, the current will increase from zero after every switching operation,
then decrease to zero before the beginning of the next switching operation. A Matlab
Simulink plot of the resonant current and voltages during discontinuous mode operation is

shown in Figure D-2.

Ipk

0

-Ipk

Figure D-2: Converter current and voltage during discontinuous mode operation
In Figure D-2, one-third of a switching cycle is represented as the time between #, and #,
during which the voltage across the capacitor C, increases during two switching operations.
Between 7, and #,, switches .5, and 5 are on, and between 7, and #;, switches .5, and S, are on.

The equivalent circuits during the two time periods are shown in Figure D-3.

S1 and S5 ON S1 and S6 ON

L l|s1 Lm% ~L|S1

V4 + \2 +
—— = Vet ——— — Vert
—~ Ver2 —— Ver3

+ +

Lr5 L,ﬁ?
a) O<t<t, b) to<t<ts

Figure D-3: Equivalent circuits during 1/3 of a cycle in discontinuous mode operation
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To analyze the converter operation during discontinuous mode, the capacitor voltages are

shown in Figure D-4 at the beginning of a switching cycle.

\% -
cr30 RO I A
77777777777777777 I A VCrS:
'""VCr2
77777777777777777 R VCr1
/i.’.i.’-if-i.’.;:’ ”””” -0 " ]
"
cr20 s“
,,,,,,,, L S | —
“‘
*
,,,,,,,, 2N | T
\% K
cr10 "‘»,
) ) ".--------‘---------‘--------
t N,
0 t200nd tze1

Figure D-4: Discontinuous mode voltages at the beginning of a switching cycle.
Current starts to flow into the diode bridge at time #,,,, and the voltage of capacitor C,,

equals zero at time 7. The main converter equations ate:

Vi+\=V. 00 +V. .
L()== ( ;2) chO)sm(a)ot) O
Ven 0=V (0) = Vi = [V + (= Vi1 + V.0 Jcos(yt) D2)
tor =0 and where:
o = 1
e D3)
L
“=y\¢ D4
and
Vcrl (0) = VcrlO s Vch (0) = VchO ’ Vcr3 (0) = Vcr30

(a) Time interval 0<t<t,
During this time interval the voltages across capacitors C,, and C,, (measured from the

terminal connected to the thyristor switches to the common between the capacitors) are:

t
1 V,+(=Voo Vo)
V. t :_J.I dt+V — 1 crl0 cr20
crl( ) Cr ) S1 crl0 7

{M+G

[1—cos(@yt)]+ V.0 D5)

VcrlO + Vcr20 )] [1

Vcr2 (t ) = 2

—cos{myt )]} +Vor20 (D6)
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Since the converter is operating in discontinuous mode, at time t; then I;;=0 and therefore

the final capacitor voltages will be:

Ver (’ 1 ) =V 4V D7)
Vcr2 (tl ) = _Vl + VcrlO (DS)
Vers (61) = Voo DY)

If the sum of 17, and 1V, at time #, is greater then [, (as will be the case except during start-
up), then current will flow into the diode bridge. The current flow will be equal in C,, and C;
and therefore the voltage drop will be the same. The voltage drop across both capacitors at

time #, will be:

Vi=V, _[_ I/ch(t1)+Vcr3(tl)]=_I/l (D10)
Therefore the final capacitor voltages of C,, and C; at time #, will be given by:
Vi
Voo 61)= Vo - D11)
|4
Vch(tl)z Verso _?l D12)

(b) Time interval t,<t<t,
At time 7, switch S, will turn on and current will flow through capacitors C,, and C,;. The

inductor current and total capacitor voltage as shown in Circuit (b) of Figure D-3 is given by:

V.
Vcr30 - Vcr20 - ?1 ( ) (D13)
I,(t)= sinl@,t
1(0) 27 0
4
Vcrl (t) - Vcr3 (t) = Vl - Vcr30 - Vcr20 _7 COS(COOZ) (D14)
The individual capacitor voltages are given by:
1 v
Vcrl (t) = 5 Vcr30 - VchO - ? [1 - Cos(wot)] + (Vl + VchO) (DlS)
1 V, V,
Vcr3 (t) = E |:Vcr30 - Vcr20 - 71:|[1 - Cos(a)ot)] - (Vcrﬁ)o - jj (Dl 6)

The final capacitor voltages of C,, and C; at time 4, when I, = 0, will be:
Vi

Vcrl (t3 ) = Vcr30 + ?1 <D17)

Vir (fa ) =V (D18)



If the sum of 1

orl

and 17, at time £, is greater then 17, then current will flow in the diode
bridge. The current flow will be equal in C,, and C,, and therefore the voltage drop will be

the same. The voltage drop across both capacitors will be:

Vi=Vy— (Vcrl (ts )+ Vera (ts )) =V, _(Vcr.’)o "‘% +Vor20 +%) =V (D19)

Therefore the final voltages across capacitors C,, and C,, will be:
Venlt3)=V.30 (D20)
Vers ()= Voo (D21)

As can be seen, the next third of the switching cycle will have the same initial capacitor

voltages only across different capacitors.
(¢) Solving for steady state initial values

When I, starts conducting at 7,,,, the voltages of the different capacitors will be equal to:

Vcrl (t 2cond ) = Vcr20 (DZZ)
Vcr2 (t2c0nd) = VcrlO (DZS)
Vcr3 (tZCond ) = Vcr30 (D24)

Therefore at 2,

Vl + (_Vmo + Vcr20)
2

Vcrl (tZCond) = [1 - COS(thZCond )] + VcrlO = Vcr20 (DZS)

V- (_Vcrlo + Vcrzo)
"+ (_ Vero + Vcr20)

Cos(a)OtZCand) =

D26)
If the inductor on the high-voltage terminal is assumed to be small then the current through

capacitor C,, is divided evenly through capacitors C,, and C;. This is shown in Figure D-5.

Figure D-5: Equivalent circuits when current flows into the high voltage side.
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Therefore the capacitor voltages after the high voltage terminal is conducting can be

evaluated as:

(_ VcrlO + Vcr20 ) [

t
1 Vi ! 2cond
Vcrl (t) = C_ J.Il dt = 1 * COS(thZCond )_ COS(th)] + tC(,Um (t - tZCond)+ VCI‘ZO (D27)
" b

2 .
Vi+\=V_0+V, 1
Vcr2 (t) == [ 1 ( CZO == )] [COS(thZCMd) - Cos(wot)] - éz;cm:d (t ~bacond ) + VcrlO (DZS)
V+(=7, V 1
Vcr} (t) = [ 1 ( 620 e )] [Cos(a)othond ) - cos(a)ot)] - ;z;(;”d (t ~bocond ) + Vcr30 (D29)

r

At time 7, the voltage across capacitor C; will cross zero and the voltage 17, will be evenly

divided across capacitors C,, and C,; and therefore:

V. v
Vcr2 (tze) = 220 + VcrlO = _72 (D3O)

Using these results, the voltage 17, ,, can be evaluated as:
Voo =V2+2V 00 (D31)
As the converter operation approaches steady state, the positive and negative peak voltages

will be equal. Therefore:

V.

—Vero "'71 =Ve30 =V2 Vo0 D32)
v, T
V — _r2 + 1
crl0 2 4 (D33)
and therefore:
4

Verao = _7 (D34)

D.1.1 Energy Transfer and Peak Input Current

Using the switching analysis in Section D.1, the converter power can be obtained using the
energy transferred to the HV terminal during each switching cycle. Using 1/3 of the
switching cycle, then during time #, to #, the energy transferred is the difference in capacitor

energy depending on whether current flows to the diode bridge. This energy is given by:
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2 2
1 1 " 1 1 "
EOl ZECr(VI _Vcr10)2 _Ecr(?l_VcMOj +5Cerr302 __Cr(V _1]

2
1 v
= Ecr [[?lj - VchrIO + VIVC;”SO]

(D35)
The energy transferred between time 7, to 7 is:
1 AN ) 1 AN 2
E23 :ECI‘ Vcr30 +7 _EC}’VC}"}O +§Cr _VCVIO +? _ECI‘VCVIO
2
y
= %Cr [(j) - Vchrlo + VchrS()]
(D36)
Therefore the total energy transferred dutring 1/3 of a switching cycle is:
1 1
E=—C V2 =20V + 2V )= 2 + 2007) ©37)
The converter power is then:
1 (2
P=EC(V1 L) 3, D38)

The maximum input current in discontinuous mode is the maximum current through the

inductors derived in Section D.1. Therefore during time 7, to #, the maximum current is:

11 (l) — Vl + (_Vcrlo + VchO)

27, D39)
During time 7, to # the maximum input current is:
v
Vcr30 - Vcr20 -
1.(t) = 2 (D40)
1(0)
27,
In steady state, the maximum current will be:
[ k S ——
g 27,

Therefore increasing the size of the inductor will reduce the current peak and increasing

capacitor size will increase the current peak.

The voltage increase on the capacitor for each current pulse on the HV side can be obtained
using (D38). Since there will be 6 current pulses per cycle, then the maximum voltage

variation per pulse (at low power levels) is:
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v, \2cC, (42)

where C, is the capacitor on the HV side and A1/, is in pu. When designing for a set voltage

C
AV2=—1+i\/ z (V12+2V1V2)—V22

variation per current pulse, then size of the HV side capacitor will be given by:

2 +ony,)
=5 (D43)
WAV, (2+AV,)
Similarly, the input DC capacitor will be:

_ cr(Vl2 +2V1V2)
UANACRING D44

1

D.1.2 Discontinnons Mode Switch 1 oltage

The switch voltages and currents are shown in Figure D-6.
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Figure D-6: Switch voltages and currents during discontinuous mode operation
The minimum voltage across a thyristor switch occurs after the next switching action after it

has been switched off. For the case where switch S, is off and switch §, and S, are on is

shown in Figure D-7.
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Figure D-7: Partial converter circuit after S2 switches ON.

The voltage across the switch .§, will be equal to:

dl,, Vi+V.,0+V.,
Vsl (t) = (Lr dj + Vchj - Vcrl = ( 1 L : j - (VZ + VcrlO)

2
(D45)
=V, — VcrlO +ﬂ+ Vcr20
P2 202
During steady state conditions the minimum voltage across S, will be equal to:
3 V
Vo min =——V, +—
SW_min 4 2 g (D46)

During the next switching operation, S, and S, will be on and S, will be off and the

maximum voltage will be across switch §; and is given by:

dl,, 3, v, 3V,
VS3 (t) = (Lr L + Vcr2] - Vcr3 = 71 - % + TZO + Vcr30 (D47)
Under steady state conditions the maximum switch voltage will be:
3 7
sz_max = Z VZ + g Vl D48)

The rate of change of current is limited by the series inductances, however parallel RC
snubbers will normally be required to limit the rate of change of voltage. Using Figure D-0,

the switch turn-off time will be equal to:

tturnoﬁ’ = (£ - tlj + (&j + (tze )
7=\ 6 (D49)

The time for the current to cross zero after a switching operation can be found using the

inductor current equation from Section D.1. Therefore:
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Il (tl) — Vl + (_Vcrlo + VchO)

2 sin(a)ot1 ) =0

1 (D50)
T2/,

The voltage across switch §, between T,/3 < #< £, is equal to:

Pl ={ 1 21,0 )

_ [Vvl + (— VcrlO + Vcr20 )] [2 _ COS(a)Ot) — Vcr30 + % Vl + 2Vcr20

h

(D51)

2
At time 7, 17, = 0 and therefore:

=2V .10 =2V 10 +5V; + 6V
COS((OOtze) _ crl0 cr30 1 cr20

4 +(_ Vero + Vcr20)

L4 Nn
t,, =—Cos
@

2 (D52)

. 1 1 4 »

M

t =———+—CO0S
turnoff 3 2f0 @,

v, (D53)

D.2  Continuous Mode Operation

Continuous mode operation occurs when the input current does not decrease to zero before

the next switching operation, which will occur when:

[ > % (D54)

It should be noted that the individual current through the thyristor switches will decrease to

zero each cycle, even though the input current is always greater than zero. The continuous

mode operation can be analyzed by considering 1/6" of a cycle, shown in Figure D-8.
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Figure D-8: Current and voltage during 1/6% of a cycle in continuous mode operation.

The circuits for each of the four time sections in Figure D-8 are shown in Figure D-9.

$1,5,,S5,D3,D4 ON S4,5,,S5 ON
|Si§ % ﬂsa |s1l % l'ss
V2 * Vol Vv + *
—— Vet~ —~ Ver3 L__— Vert ,-|: — Ver3
—~ Vcr2 ——Ver2
Iss . (E .
W00 — W
a) O<t<ty b) ti<t<t,
$1,S5 ON $1,55,D3,D5 ON
Is1
B[,
Vert
\/_1 Vcr1 1 c—

Vcr2 T Ve Vers
+ +
Vs
Iss Is 51,

C) t<i<ts d) ta<t<ty

Figure D-9: Equivalent circuits for 1/6% of a cycle in continuous mode operation.

(a) Time interval 0<t<t,

For circuit (a) in Figure D-9 the current I; will be equal to the input current I,. When 7<¢,

current will flow into the high voltage side of the converter and therefore the voltage across
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%8

orl

and 17, will be equal to I, and the current through both capacitors will be equal to half
the input current. Using circuit equations, the voltage across the 7, and L; for both circuits

(a) and (b) will be constant and equal to:

2
VLrS _Vcr3 :ng (DSS)
Therefore the input current I, will be given by:
z Vl + Vcr2 (O)
1(t)=1Is (t)z I, (0)cos(a)0t)+—sin(a)0t) (D36)

0

where [,(0) and 17,,(0) are the current from the LV terminal and voltage across C,, at time
t,=0 (Figure D-8). Since the currents through 7, and 17, will be equal to half the input

current, then the capacitor voltages will be given by:

)= [k = 12 sl (21470l 7x0) o

"o

Vosl) = [ gy 0)- 2o o)+

@Vl Vg (0)j (1= cos(wyt))+

7 cr3 (O) (D58)
1.7 (iVl + Vcr2 (O)J
Vo) = 25 -sin{et) + - (1 cos()) - V2,2 0) o
The currents through switches S, and .§; will be:
1 (1
Igy = L ’!‘(EVI _Vcr3(t)jdt+ll(0)
~21,,(0)-7,,0), 1,0) _1,0) $H7al0)
S 2y I 2% sos(wt )+ 2————sin(ayt)
2L 2 2 .
2
Vi 472(0)
_ 7V, 10 5O e 2 o)
2L 2 2 2 (DG0)
2
7Vl + Vch (O)
I, = 2VL2 t— 11(0)+ 1( )cos(a)ot)+ 3 sin(a)ot) (Do1)
r 0



Since the current through the capacitors will be equal when current is flowing to the high
voltage side of the converter, then the current I, will be:

Ig—1g =V, 1,(0)
=il 7 G
2 2 2L 2 (D62)

r

The converter will stop transferring power to the high voltage side when the current I, falls

to zero, which will occur at time:

1,00)L,
f=— v, D63)
When the times #, and 7, are small, then the inductor currents can be approximated as:

Iss=1, (D64)

V.
Ig3 :_jt—i_[l (Do65)

V.
Isi=5 L2 t D66)

where I, represents a constant input current. This assumption is inaccurate at the border

between continuous and discontinuous operation and at very high frequencies.

Since for #<7, the current through capacitors C, and C; are equal to half the input current

then the capacitor voltages at 7, will be:

Il a4V (0)=—1s 47 (0)=—LLe 1y (o) 6
S5 cr2 Cr 1 cr2 C,,Vz cr2 (D )
Voslt)- j L5 r47,,(0) =2k ,,4(0) 5
cr3 cr3 20 V2 cr3 (D )
I7L,
Vol )==—"+V,(0
crl( 1) 20 V2 crl( ) (D69)
With an input current of I, the time for the current I, ; to fall to zero will be:
— 2[1Lr
L= (D70)

(b) Time interval t,<t<t,

Since for #,</<t, the capacitor currents I, and I ; will be equal to the inductor currents I,

erl

and I, ;, then the voltages of the converter capacitors at time 7, will be:



I 2I°L
‘[[LrSdt—i_V C_I(ZZ _tl)+Vcr2(O)=_ — +Vcr2(0) (D71)

r CrV2
T 1%L
J-IdeV I e s Sl ) (N (1))
"C AUET AR 2C,7,
2 2
B (Y 4 v (LY BL 00 o
4L.C.\ 7, 2\ v, ) aLc \ v, | 20V,
3I2L,
e ’+Vcr3(0)
4C.V,
517L,
Vcrl (IZ):Zé V. +Vcrl (0) (D73)
r’2

(¢) Time interval t,<1<t,
After the current [, falls to zero, the current through capacitors C,, and C,; will be equal.

Therefore the capacitors’ voltages at time # will be given by:

I I 2I°L,
Vcrz (t3): _C_l(l )+ Vcr2( )_ _C_l(l3 _t2)_ CIV’ + Vcr2 (O) (D74)
r r r’2
I 1 5121
Vert (13)=C_l(t ) Vcrl( ) C_l(ts _12)+ZC£ Vr +Von (O) (D75)
r r r’2

(d) Time interval 1,<t<t,

When #</<t, then current will be flowing into the high voltage terminal of the converter
equal to half the input current. Both capacitors will have half the input current flowing

through them and therefore the final capacitor voltages will be:

1
Vera (t4 ) =—V,3 (0) = __1(t4 —13 )+ Vera (ts)

2C,
I I 2111 ©76)
== 2Cl; (t4 —t3)_C_l(t3 _tz)_ C;IV +Vcr2(0)
7 2
I I 517L

Vcrl(t4): —Vcrz(O)zc—lr(t4 _ts)"‘c_lr(ts _tz)"‘z Cer; +Vcr1(0) (D77)

I 3121
Vcr3 (t4): _Vcrl (0): 261‘ (t _t3)+zc; VV + Vcr3 (O) (D78)

r’2

Using the capacitor voltage equations, the initial voltages across the converter capacitors can

be obtained:



_ N _ L, L2, Eller
Kﬂ®)P;mD—C/4 C( 2 J+4CJ}

r

2
cr3 (O) = 11 > 11 LV

c. ' o4acy,
I 3I7L
Ver (O) = _(Vz Vs (0)) = C_lrt4 3 Cl’rV; -V,
21 3I7L
Vch (0): _Vcrl - Vcr3 = V2 _C_rlt4 +5 C;VV;
The time (#,-2;) will be equal to:
_ _ _ Lo\ 34L 20
Ver (0) Vers (0)— Vch(O)_ 2C, (t4 t3)+ aC 7V, =V, C
21,C., 31,L,
t,—t)=— 4, —=
( 4 3) I, 4 v,
Therefore:
PG g, 3L
I, 2V,

The peak capacitor voltage occurs at time 7, when the voltage across C,; is given by:

3I7L I
Vcr3 (tZ): ZC; VV + Vcr3 (O): C_lt4
r’2 r

4t

3L
2C.V,

D79)

(D80)

(D81)

(D82)

(D83)

(D34)

(D85)

The current into the converter can be obtained by assuming zero losses and setting the

power into the converter equal to the power out. Using the circuits from Figure D-9, then

current only flows out of the converter for 0<t<t, and t,<t<t, and therefore during 1/6" of

a switching cycle:

]

v, I V1
IVit, = VJ(—ﬁH—‘jdﬁ%(a ~13)
0

2
Vo, [ I,L ? I, (I,L VoI
=V -2 | A | )
4L\ V, 200, 2
4Vt 2V.
I :—14——21 —t
1 Lr Lr (4 3)

Using the time (#,-7;) from (D83) then:

I +4t, ——

R AN 31,L,
1, 2 ¥,
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13+%?{n—2nﬁ}+ﬂqcr=0
1 1 e
Lt (zvz—m—J[6 - -2 o8
The total converter power in continuous mode operation will be given by:
1 1 e
Poow =1y =V, M—Lr(sz—Vl)—\/( o7 r(Vl—sz)J . (D89)

D.2.1 Continunous Mode Switch V oltage and Current

The switching characteristics for continuous mode operation are shown in Figure D-10.
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Figure D-10: Switch voltages and currents during continuous mode operation.
In Figure D-10, switch §, turns on at time #, and switch §; turns off at time #,. The minimum
switch voltage occurs after the switch $; turns off. The maximum switch voltage will occur

across S, at time # when 5, is on and §; turns off.

Using a constant input current then the magnitudes of the maximum switch voltage and

minimum switch voltage will be equal and will be given by:

I
Ly, =

1I2L,
(t)+VLr2(t)_Vcrl :5ﬁ+c_lt4 _VZ +0_C_

r r

'L,

1
V I V _
2Ccy, (D30)

min cr2

The maximum voltage will approach 17, at low converter power levels. The total turn-off

time will be from # to # in Figure D-10, which is 1/6" of the switching time.
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In continuous mode operation, the slope of the switch current can be estimated as 17,/2L..
At high switching frequencies switch §;, may be turned on before the current I; has gone to
zero (in Fig. 7, if T)/3<#,) and therefore the average cutrent into the converter will be greater
than the peak switch current. The maximum switch current can then be estimated using

(D65) and a current rise time of T,/3, so that:

Vv, T

_ S

L peakeom =775 91
peakcon 2Lr 3 (D )
Operating in this region will reduce switching losses (since the peak switch current does not

increase at high powers); however the ability of the converter to operate in this region will

depend on the thyristor turn-off time.



